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Transportation electrification has experienced a significant growth in recent 
years, and the electrification of the powertrain – namely hybridization – is 
considered the most viable solution seen by car manufacturers to achieve the 
challenging emission targets. Among the hybrid electrical powertrain 
topologies, the mild-hybrid configuration with the 48 V battery system offers 
the best ratio cost versus CO2 improvements. In particular, the 48 V 
technology does not require electrical shock protection whilst allows to 
leverage a variety of fuel saving functions such as electrical boost and 
regenerative braking. 
The thesis is focused on the electromagnetic and thermal design of a Belt-
driven Starter Generator, BSG, for 48 V mild-hybrid powertrains. In the BSG 
layout, the starter-generator replaces the conventional alternator with a low 
impact on the engine compartment layout, even if a redesign of the belt 
tensioner is required. 
It is noteworthy to keep in mind that the electrical machine shall provide 
high starting torque and wide constant power speed range, both in motor and 
generator mode. Furthermore, the application imposes the adoption of low 
cost materials and the electrical machine is located in a harsh environment. As 
a consequence, the design is challenging from the electromagnetic, thermal 
and mechanical point of view. 
The novelties of the research lie in the 48 V automotive applications, by 
describing the practical difficulties to fulfill the design specifications through 
a suitable material selection, the identification of the cooling system and the 
available technological solutions. 
The first section of the thesis reports results from a literature review on 
electrical machine for mild-hybrid application aiming to highlight different 
criteria for the selection of the electrical machine. In this context the 
advantages in terms of fault tolerance and stator current splitting of multiphase 
drives are investigated. Furthermore, in this section the required performances 
and the constraints imposed by the specific application are analyzed.  
Among the different motor technologies, a dual three-phase induction 
machine having two stator winding sets shifted by 60 electrical degrees is 
selected as a suitable candidate. 
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The second part of the thesis reports electromagnetic and mechanical issues 
addressed during the design stage, with special focus on stator winding layout, 
pole number and rotor slot. The adopted six-phase machine uses a four-layer 
bar stator winding that has been demonstrated as a good solution to improve 
the slot fill factor and thermal behavior. In addition, the thesis reports a 
comparison supported by experimental tests between open and closed rotor 
slots solutions; the focus is to maximize the machine electromagnetic 
performance according to the mechanical limits imposed by the rotating speed. 
Finally, predicted and measured performance of the prototypes are reported 
and discussed for validation purposes. 
The third part of the thesis deals with the thermal assessment of the BSG 
with particular emphasis on accurate winding temperature prediction as well 
as the cooling system selection. Since the stator-winding region is very 
sensitive to thermal issues and is usually attributed as being the main heat 
source within the machine body, its thermal modeling is of major importance. 
In these regards, a simplified stator winding thermal model was developed for 
the temperature prediction during transient condition. Moreover, considering 
that the driving cycle is characterized by time variable loss distribution, an 
effective cooling system must be mandatorily adopted together with high 
temperature class insulation material. In this context, the development of heat 
extraction through forced convection is experimentally investigated on the 
BSG prototype. 
As a main outcome of this research activity, it has been demonstrated the 






Recentemente, l’elettrificazione dei trasporti ha mostrato un notevole 
progresso, in particolare i costruttori di automobili ritengono che 
l’elettrificazione del sistema di propulsione, la cosiddetta ibridizzazione, sia la 
soluzione più praticabile per raggiungere gli ambiziosi obiettivi di emissioni 
allo scarico. Tra tutte le tipologie di sistemi di propulsione ibrida elettrica, la 
configurazione mild-hybrid con il sistema di accumulo a 48 V offre il miglior 
rapporto tra costo e riduzione delle emissioni di CO2. In particolare, la 
tecnologia a 48 V non richiede costosi sistemi di protezione dell’impianto 
elettrico e permette di sfruttare una varietà di funzioni volte al risparmio di 
carburante quali ad esempio l’assistenza elettrica in accelerazione e la frenata 
rigenerativa. 
La tesi è focalizzata sulla progettazione elettromagnetica e termica di un 
moto-generatore azionato tramite cinghia, BSG, per sistema di propulsione 
mild-hybrid a 48 V. Nella configurazione considerata il moto-generatore è 
alloggiato in luogo dell’alternatore convenzionale in modo tale da avere un 
impatto minimale nella disposizione dei componenti nel vano motore. Tuttavia 
è necessaria la riprogettazione del tendicinghia per far fronte alla maggiore 
potenza installata. 
La macchina elettrica deve fornire un’elevata coppia di spunto e un’ampia 
gamma di velocità a potenza costante, sia in funzionamento da motore sia da 
generatore. Tenendo in considerazione che l’applicazione impone l’adozione 
di materiali a basso costo e che la macchina elettrica si trova in ambiente di 
lavoro ostile, la sua progettazione è impegnativa dal punto di vista 
elettromagnetico, termico e meccanico. 
L’innovatività della ricerca consiste nell’applicazione automobilistica a 
48 V, la descrizione delle difficoltà pratiche per il soddisfacimento delle 
specifiche di progetto attraverso la selezione di materiali adatti, la definizione 
del sistema di raffreddamento e le soluzioni tecnologiche disponibili. 
La prima parte della tesi tratta le motivazioni per la selezione della 
macchina elettrica basata sulla ricerca bibliografica dei moto-generatori per 
applicazioni mild-hybrid, l’analisi delle prestazioni richieste e dei vincoli di 
progetto. Inoltre sono analizzati i vantaggi in termini di tolleranza ai guasti e 
suddivisione della corrente statorica degli azionamenti multifase.  
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La macchina a induzione a doppio trifase, le cui terne sono sfasate di 60° 
elettrici, è stata ritenuta la più idonea tra tutte le tipologie di macchine 
considerate. 
La seconda parte della tesi riporta le problematiche elettromagnetiche e 
meccaniche affrontate durante la fase di progetto focalizzando l’attenzione 
sulla configurazione dell’avvolgimento statorico, il numero di coppie polari e 
le cave di rotore. In particolare, la macchina esafase progettata utilizza un 
avvolgimento a piattina a quattro strati; tale soluzione permette di aumentare il 
riempimento della cava e migliorare il comportamento termico. Inoltre, la tesi 
riporta un confronto, supportato da prove sperimentali, fra le soluzioni di 
rotore a cava aperta e chiusa; l’obiettivo è di massimizzare le prestazioni 
elettromagnetiche della macchina in accordo con i limiti meccanici imposti 
dalla velocità di rotazione. 
La terza parte della tesi tratta gli aspetti termici del moto-generatore con 
particolare attenzione verso la stima della temperatura dell’avvolgimento e la 
selezione del sistema di raffreddamento. La modellistica termica 
dell’avvolgimento è di particolare importanza poiché la regione 
dell’avvolgimento statorico è molto sensibile ai problemi termici e di solito è 
considerata come la fonte principale di calore nella macchina elettrica. A tal 
proposito è stato sviluppato un modello termico semplificato 
dell’avvolgimento per la stima della temperatura durante i sovraccarichi 
transitori. Inoltre, considerando che il ciclo guida è caratterizzato da una 
distribuzione delle perdite molto variabile nel tempo, il motogeneratore deve 
essere equipaggiato con un sistema di raffreddamento efficace e con materiali 
isolanti adatti alle alte temperature. A questo riguardo, sono state analizzate 
sperimentalmente le potenzialità di estrazione del calore attraverso tipologie di 
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1.1. Scope of the thesis 
The scope of my PhD project is to design a cost effective electrical machine for 
48 V mild hybrid powertrains. In particular, a double three-phase induction 
machine has been designed and developed. The focus of the thesis is on the design 
challenges mainly subordinated to electromechanical and thermal issues imposed 
by the considered hybridization solution.  
 
1.2. Thesis Outline 
This thesis is the result of the research activity carried out during my PhD at the 
Department of Energy of Politecnico di Torino and it is based on a number of 
scientific publications produced during the course of study. The manuscript is 
organized in seven main chapters as reported in the following: 
Chapter 1 
The chapter gives an overview of the thesis with the research motivation, the 
scope of the thesis, the contribution and the list of publications. 
Chapter 2 
This chapter introduces the transportation electrification concepts related to the 
electrification of the powertrain. The review of hybrid electric vehicles topologies 
is presented with the focus on mild-hybrid configuration. 
Chapter 3 
The chapter introduces the belt-starter generator project describing the system 
functionalities, the requirements and challenges. A comprehensive literature 
review on electrical machine for starter generator application and on multiphase 
machines configuration are also reported. 
Chapter 4 
This chapter focuses on the design of the starter-generator. A methodology to 
design the induction machine is described and the used equations are reported. 
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The details of the machine are presented with the focus on multilayer bar stator 
winding, pole count and on rotor slot design.  
Chapter 5 
This chapter describes the analytical model adopted for the evaluation of the 
performance and then the comparison of predicted and measured performances of 
the prototypes are reported and discussed for validation purposes.  
Chapter 6 
The chapter investigates the thermal issue of electrical machines operating with 
duty cycle. The focus of this chapter is on the thermal modeling of the stator 
winding for short-time transients and on the analysis of different forced 
convection cooling systems.  
Chapter 7 
The chapter provides a summary of the main results of the manuscript including 
suggestion and recommendation on further prospective research. 
 
1.3. Scientific Contributions 
The scientific contributions resulting from the research activity are summarized in 
the following: 
 A comprehensive literature review of hybrid electric vehicles with the 
focus on mild-hybrid configuration and electrical machines adopted for 
belt starter-generators. 
 Main differences among the solutions of starter generators presented in 
this thesis and the benchmark solution available in the literature are mainly 
from the machine type, the phase configuration and rated voltage. 
Therefore, the novelties of the research lie in the 48 V automotive 
applications, by describing the practical difficulties in fulfilling the design 
specifications through a suitable material selection, the definition of the 
cooling system, and the available technological solutions. 
 A simplified thermal model of the stator-winding region for short-time 
thermal transient as well as the experimental procedure to assess its 
thermal parameters have been proposed and developed. The short-time 
transient thermal model allows determining the maximum over-current 
value when the transient duration is known or imposed, or vice versa. 
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 The performed research activities led to the issuance of a number of papers 
published in international journals or presented at international 
conferences. Three papers were awarded of internationally recognized 
prizes, furthermore, my PhD activity was recognized by means of “Premio 
Qualità 2015” prize of doctoral school of Politecnico di Torino.  
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1.4. List of Publications  
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1.5. Background–Emission requirements and regulation 
The United Nations Framework Convention on Climate Change, requires all 
parties to formulate and implement national and regional programs containing 
measures to mitigate climate change. In this regard, European Parliament and the 
Council adopted the goal of a reduction of greenhouse gas emissions of 30% 
(compared to 1990 levels) by industrialized countries by 2020. In addition, the 
European Union, EU, itself will take the firm independent commitment to reduce 
greenhouse gas emissions by at least 20% greenhouse by 2020 (compared to 1990 
levels), irrespective of reductions achieved the other industrialized countries [1]. It 
is noteworthy to keep in mind that, the primary greenhouses gases in earth 
atmosphere are water vapor (H2O), carbon dioxide (CO2), nitrous oxide (N2O), 
methane (CH4) and sulfur hexafluoride (SF6). 
Considering that road transport is the second largest sector source of 
greenhouse gas emissions in the EU and its emissions continue to rise, one of the 
implications of the required measures is, for all Member States, to reduce 
significantly emissions from passenger cars. In this regard, the regulation [1] 
establishes performance standards for new passenger cars CO2 emissions. In 
particular, it sets the average CO2 emissions from new passenger cars at 130 g 
CO2 / km, measured in accordance with New European Driving Cycle, NEDC, to 
be achieved through technological improvements to vehicle engines [2]. From 
2021 onwards, the regulation sets a target of 95 g CO2/km as average emissions 
for the new car fleet. In addition to EU, the worldwide trend of CO2 emission 
equivalent for NEDC test in g CO2/km is reported in Fig. 1.3.1. 
In this context, carmakers have concentrated a huge amount of investments in 
order to meet these regulations taking also into account the penalty to exceed the 
CO2 emission limit (for which the additional cost in 2021 in EU will be about 95 € 
per vehicle for each grams of CO2 above the 95 grams’ limit)  
Focusing on the internal combustion engine, the ideal combustion process of a 
hydrocarbon fuel CxHy (as gasoline or diesel) should lead to non-toxic combustion 
products (CO2, H2O, N2 plus O2 for lean mixtures) [3]. On the contrary, the real 
combustion reaction produces pollutant emissions (about 1% of all combustion 
products), mainly represented by CO, unburned hydrocarbons (HC), nitrogen 
oxides (NOx) and particulate matter (PM). In order to keep the pollutant emission 
within the limits prescribed by international regulations, operations before the 





Fig. 1.3.1. Worldwide CO2 target emission normalized to NEDC. 
 
For example, three way catalysts are used in gasoline engine to promote the 
CO and HC oxidation and NOx reduction in the exhaust gas stream. For diesel 
engines, more complex after-treatment systems such as specific NOx catalyst and 
PM filters are necessary. Both NOx and PM traps need however to be periodically 
“regenerated” by eliminating the NOx and PM captured during the system 
operation. 
For what it concerns the greenhouse gas CO2, considering that it is the result of 
an ideal combustion process, the only way to reduce its quantity is to reduce the 
amount of burned fuel, hence improving the powertrain efficiency [3]. 
Neglecting the possible benefits coming from reduction in rolling resistance 
due to “green” tires, aerodynamics improvements and vehicle body lightening, the 
research community agree that the challenging CO2 target emission seems to be 
achieved only through the hybridization of the powertrain, hence combining the 




























2. Transportation electrification 
The electrification of road transport started in the early years of the 1900s 
where the electrical systems were limited to ignition, headlight and cranking of 
the engine. As timeline of the principal milestones of electrification should be 
highlighted that in the 1950s the car radio was introduced, in the 1960s the 
electronic fuel injection was adopted and in the 1970s the first on board 
controllers and computers appeared [4]. Subsequently were introduced Antilock 
Braking Systems, ABS, airbags and gradually several mechanical-hydraulic 
systems have been replaced by electrical ones. These progresses highlight the 
main reasons behind electrification and in particular the starter motors were 
adopted for convenience, radios for entertainment, ABS and airbags for safety, 
fuel injectors and controllers for improving the engine performance, efficiency 
and lower emissions. Regarding the powertrain electrification, throttle control, 
valvetrain actuation and water and oil pumps have been electrified with the aim to 
increase reliability and efficiency while reducing the costs. The adoption of 
electrical drive in supercharger and turbo systems allow both, to improve the 
driving performance and to recover the exhaust energy.  
The powertrain electrification is also called hybridization when the electrical 
drive is integrated with the powertrain in order to contribute at the propulsion of 
the vehicle. The two propulsion systems are suitable to co-exist as they have 
complementary characteristics. In particular, the electrical machines operate from 
the standstill and it can work in traction and in generation allowing obtaining the 
following efficiency improvements: 
• To restore energy during deceleration using regenerative braking 
instead of dissipating it as heat in a conventional braking system 
• To eliminate or to mitigate the idling losses by turning the engine on 
and off, following the so called Start&Stop strategy 
• Operating the internal combustion engine nearer its best efficiency, 
trying to avoid its use under highly inefficient operating conditions such 
as low loads, thanks to the additional degree of freedom provided by the 
electrical power source and energy storage devices (load point shift); 
• Enabling downsizing of the internal combustion engine while still 
maintaining acceptable vehicle performance thanks to the additional 
boosting which can be provided by the electric power source during 
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mitigating the idling losses by turning the engine on and off. The cost of the 
system is only few percent higher than that of conventional vehicle while, in city 
driving with frequent starts and stops, the fuel consumption may be reduced by 
approximately 5-10%. The first production micro-hybrid system is Mazda’s i-
ELOOP, which was introduced in 2014 on the Mazda3 and Mazda6 [9].  
2.2.2. Mild–hybrid 
Mild-hybrid has a hybridization factor of 10-25% and the electrical machine 
power is typically around 10-25 kW. Since mini-hybrid systems already push the 
12 V technology to its limits, higher voltage architectures are adopted in mild-
hybrid (48-200 V). In addition to the functionalities of mini-hybrid, this 
configuration provides torque assistance, improved regenerative braking and 
sailing. In urban driving cycle the fuel consumption can be reduced up to 20%, 
but the cost will also increase 20-30%. As an example, a current production 
vehicle equipped with a mild-hybrid system (115 V battery) is the Buick LaCrosse 
eAssist [10]. This parallel hybrid solution represents nowadays an interesting 
tradeoff in terms of complexity, cost, performance enhancement and fuel 
consumption reduction. 
2.2.3. Full–hybrid 
Full-hybrid typically has energy storage system from 200 to 600 V in order to 
manage power about 50-100 kW. The most common configuration adopts series-
parallel architecture with an engine, a generator and a motor. The propulsion can 
be executed by the engine only, by electrical motor only or by a combination of 
both with the aim to achieve optimum drive performance at maximum energy 
efficiency and minimum emission. The fuel saving in city driving cycle is about 
20-30% while the cost can increase about 30-40%. The full hybrid can be further 
subdivided into Synergy-hybrid and Power-hybrid. The former compromises the 
drive performance, fuel consumption and emission reduction. The latter favor the 
driving performance; thus the electrical motor supports the engine that is not 
downsized.  
2.3. Focus on mild–hybrid configurations 
The mild-hybrid configuration, as previously mentioned, represents nowadays 
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2.3.2. Gear drive 
In gear drive solution the electrical machine is coupled on the transmission side 
requiring a modification of the transmission housing. The electrical machine can 
be located on the gear input, position P2 in Fig. 2.3.1, or on the gear output, 
position P3 in Fig. 2.3.1. Depending on the design this configuration can also be 
scaled up in output power level to provide a good hybridization level. The major 
issue related to this coupling is that at high speeds and low loads the gear teeth 
risk to be damaged. In Fig. 2.3.3 an example of a multiphase drive integrated in a 
gearbox is presented. 
 
2.3.3. Chain drive  
This coupling involves the use of a chain to run over the pulleys. The most 
suitable position for the electrical machine is in the transmission case, in the 
location of the conventional starter, position P1 in Fig. 2.3.1. The major advantage 
of using a chain drive is given by a higher material tensile strength of chain with 
respect to the belt that leads to smaller encumbrance of package for the same 
fatigue life [15]. The disadvantages are related to the limited space in the 
transmission case, for the accommodation of the electrical machine and intrinsic 
noise issues.  
2.3.4. Belt drive 
In belt-driven starter generator solution, also referred to BSG, the electrical 
machine replaces the conventional alternator and the connection to the crankshaft 
is realized on the accessory side using a revised belt drive, position P0 in 
Fig. 2.3.1. The modification of the belt drive is necessary in order to fulfill the 
increased load capacity introduced by the starter-generator. In this configuration 
the impact on the engine compartment layout is low and requires minimal 
modification in existing powertrain design. In addition, this configuration has the 
advantages of more flexibility in packaging, no lubrication required and very low 
noise. The main drawback is the limitation of the torque transmission through the 
belt drive. However, it is possible to manage mechanical power in the order of 10-
15 kW, [16]-[18]. Fig. 2.3.4 shows the BSG solution adopted for a commercial 
powertrain. 




 drivetrain [19]. 
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2.4. 48 V system 
The progressive replacement of the belt driven load (such as power steering 
pump, oil and water pumps, suspension control or braking, etc.) into electric high 
power devices increases the electrical energy consumption in vehicles. All those 
high power loads combined with Start&Stop, pushed the 14 V system to its limits. 
Additional comfort functionalities such as electric-driven air conditioning or 
autonomous driving features as well as fuel saving functionalities like energy 
recovery for deceleration or boost for acceleration require a higher voltage supply 
system. For these reasons, some German premier carmakers propose to increase 
the system voltage level from 14 V to 48 V.  
The concept of a higher voltage for electric and electronic systems in the 
vehicles was introduced in the beginning of this millennium with regard to 42 V 
systems with the aim to increase the comfort functions [20], [21]. Despite the 
potential benefits, the 42 V system did not penetrate into the market since the high 
cost of components and the lack of a real need. 
Nowadays, the technology has significantly improved, the components are 
cheaper and the driving force is to provide an inexpensive alternative to hybrid 
vehicles, which allows a significant reduction of CO2. 
The 48 V system is a compromise concerning safety and functionality in fact 
electrical shock protection is not required for dc voltage lower than 60 V and in 
addition, 48 V is considered as the minimum voltage level for efficient energy 
recuperation in Li-ion battery technology. However, a critical effect that requires 
additional system protection measures is arching. In fact, due to the high 
temperature of the plasma, the surrounding materials might be set to fire. The 
degree of damage is linked to the arc energy. The voltage levels for 48 V systems, 
Fig. 2.4.1 are specified in LV 148 which is the only official document issued by 
German OEMs [22]. The operating range is between 36 V and 52 V while there 
are functional restrictions between under voltage and upper voltage areas. The 
under voltage range is set between 20 V and 24 V while the over voltage range is 
between 54 V and 60 V; 60 V must not be reached.  
A typical 48 V system configuration, Fig. 2.4.2, consists of 48 V Li-ion battery 
which provide on one side energy to the 14 V load via a dc/dc converter and on 
the other side energy to the high power function mentioned above. In some 



















































































































3. Belt starter–generator project 
3.1. System functionalities 
This section presents a structured description of the main functionalities of a 
belt starter-generator system. In particular, the most important functions 
performed by a BSG are: 
 Engine Start&Stop 
 Electric power assist-torque boost 
 Regenerative braking 
The secondary functions can be summarized in: 
 Engine torque smoothing; 
 Opportunity battery charging and discharging; 
The most important contribution to fuel saving is represented by Start&Stop 
functionality and regenerative braking. Electric assist helps to reduce the fuel 
consumption but its effect is usually lower compared to the other functions. 
Engine start/stop 
One of the fuel saving functions of BSG is Start&Stop; this strategy consists in 
switching off the ICE when it is not used to propel the vehicle and crank the 
engine when the driver wants to move the vehicle. For the comfort of the 
passengers these operations must be performed quietly and quickly. However, 
there are many conditions that have to be checked by the management system 
before to enable this strategy such as the state-of-charge of the battery or the 
temperature of the exhaust after-treatment. The electrical machine in starter mode 
has to crank the ICE to the minimum engine speed for start the ignition (60-100 
rpm for gasoline and 80-200 rpm for diesel engine). Higher speed during start-up 
would help to reduce noxious emission significantly. Typically, the starting time 
is in the range of 250-400 ms depending on the application. 
Electric power assist – torque boost 
The electric power assist is a fuel saving function that can be performed with 
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Secondary functions can be implemented in the BSG system in order to 
improve fuel consumption comfort and drivability. 
The motor-generator can be used to smooth the torque irregularities originated 
by the engine compression pulse especially during cranking. This strategy 
improves the comfort feeling of the passengers during Start&Stop. 
Opportunity battery charging and discharging refers to the practice of using the 
BSG in particular situations to produce electric energy or consume it in order to 
modify the battery SOC and keep it within the safety limits. As an example, if the 
SOC is low, the engine is extra fueled to drive the electric machine and charge the 
battery. Similarly, if SOC is high, the control system selects the engine operating 
condition so that part of the requested power is provided by the motor which 
discharge the battery.  
3.2.  Requirement and challenges 
In the BSG layout, sketched in Fig. 3.2.1, the electrical machine is 
mechanically coupled to the engine and auxiliaries through a poly V-belt whose 
transmission ratio is fixed to 1:2.7. This configuration requires a modification of 
the conventional belt drive system in order to cope with the increased load 
capacity. It can be remarked that the conventional alternator uses the force of the 
belt to transfer the power in only one direction; conversely BSG has bidirectional 
forces on the belt to speed up the ICE during cranking and boosting. Therefore, in 
order to avoid slip between belt and pulley, as well as minimize the belt losses 
during operation, is necessary to regulate the strain of the belt through an active 
tensioner. 
The engine compartment, where the electrical machine is located, is 
characterized by severe ambient condition; in particular, the temperature can 
range from -40°C up to 125°C, while the engine coolant average temperature is in 
the range of 90-100°C. In addition, the electrical machine is exposed to dust and 
highly corrosive substances such as oil and grease.  
System requirements 
The maximum performances for the BSG are reported in Fig. 3.2.2, both for 
the motoring and generating modes. In the same figure, the typical speed-torque 
operating points during a real urban driving cycle are reported too. This cycle has 



































 5 seconds 











































 up to 900
gy recovery
e the peak





 for the ho
and an axi
















 power is 1
pical urba
r, the carma
FF for the 
ints related
he maximu























































































TABLE I.  
TARGET SPECIFICATION AND CONSTRAINTS 
Target weight 8 kg 
Target rotor inertia 48 kgcm2 
Peak torque at low speed (<1800 rpm) 44 Nm 
Peak generation torque 30 Nm 
Maximum mechanical power (Motor) 9 kW 
Maximum mechanical power (Generator) 10 kW 
Mechanical over-speed 20000 rpm 
Typical ambient temperature 105 °C 
dc voltage ISO 6469 Class A, 48 V 
 
Fig. 3.2.2. Torque target characteristics. 
Moving from the system requirements and target specifications, summarized in 
Table I, it can be deduced the main challenges in the electrical machine design: 
• High power and torque density 
• 10 kW peak power at low voltage (high current) 
• Constant Power Speed Range (CPSR) equal to 6 
• Temperature of the engine compartment around 105 °C 
• Thermomechanical integration of the power electronics 
























Fig. 3.2.3. Torque profile during urban driving cycle. 
 































3.3. Electrical machine topology for starter generator 
application 
The most commonly addressed machines for belt-driven starter-generator 
applications that can be found in literature are synchronous as well as 
asynchronous ac machines. In particular, the investigated topologies are the 
wound rotor synchronous machines, WRS, the interior permanent magnet 
synchronous machines, IPM, and the induction machines, IM [11] [24]. Hereafters 
are presented and discussed in detail their main features. 
3.3.1. Synchronous machines 
Wound rotor synchronous machines 
Among the synchronous machines, WRS machines in claw-pole (or Lundell) 
configuration are widely used as alternator in vehicles because of its low cost 
production. 
The stator configuration is the same as the other ac machines while the rotor 
consists of a field coil encapsulated between claw pole segments. The rotor coil 
terminals are connected to the external circuit by means of slip ring and brushes. 
In this way, the rotor magnetic field is regulated by the excitation current allowing 
simple field weakening operation and a wide constant power speed range. The 
main drawback of this machine topology concerns the difficulty to scale it up due 
to the high rotor leakage flux between claw poles with increased axial lamination 
length [11]. In this regards, in order to improve the torque density necessary for 
cranking the engine, the manufacturers have proposed different solutions, such as 
dual-field coils [11], magnets inserted between the claws of the rotor [12], [25], 
Fig. 3.3.1, poly-phase winding configuration and rectangular conductor winding 
as shown in Fig. 3.3.2 [12]. An additional drawback of claw-pole machines 
concerns the eddy-current losses in the solid-iron claw-pole, which results in 
lower overall efficiency. 
Permanent magnet machines 
Based on the rotor structure, PM machines can be categorized as surface 
mounted PM type, SMPM, and interior PM type, IPM.  
The former type uses magnets attached to the rotor surface to create the rotor 
flux. The SMPM topology has the highest torque density and efficiency. 
However, the narrow constant power speed range make this machine topology not 
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The comparison of the characteristics for the three machine topologies above 
described is summarized by qualitative analysis in Table II. From this table is 
possible to notice that the induction machine topology represents a good trade off 
in terms performances and costs. 
TABLE II 
ELECTRICAL MACHINES TOPOLOGIES FOR BELT-STARTER GENERATOR 
APPLICATION 
 WRS IPM IM 
Efficiency Low High Medium 
Speed range Wide Wide Wide 
Overload Low High High 
Power density Low Very high High 
Robustness  High Low High 
Cost Low High Low 
3.3.3. Multiphase electrical machines 
As described in the previous section, electrical machines for automotive 
application have to satisfy several challenging requirements from which it can be 
summarized the following key points: 
 Reduced weight and volume 
 High efficiency 
 Low vibration and acoustic noise 
 Robustness 
 Fault-tolerance 
 Low production cost 
An interesting solution to fulfill all the aforementioned requirements is 
represented by multiphase winding configuration. In the literature it has been 
already referenced that multiphase drive (with number of phase higher than 3) 
present several advantages compared to their three-phase counterpart [35]-[37]. 
The electromagnetic structure of multiphase machine is substantially the same 
as of conventional three-phase ones and the winding topology can be distributed 
type as well as fractional-slot concentrated type.  
Depending on the electrical displacement between two adjacent phases, the 
multiphase winding can be categorized as symmetrical or asymmetrical. The 
former topology is characterized by a displacement equal to 2π/Nph between the 
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magnetic axes of two consequent phases with Nph an odd prime number. In the 
latter solution the displacement between the two phases is equal to π/Nph with Nph 
an even number or an odd non-prime number [38]. 
The selection of the most suitable number of phase depends on many aspects, 
in particular the system reliability increase as the phase number increases. If one 
or more phases are missing the multiphase machine can still operate and the 
healthy phase, if thermally admissible, should be overloaded to maintain the same 
performance.  
Moreover, the number of phases has an impact on the time-harmonic 
components in the excitation waveform. Such supply components produce 
pulsating torque at frequencies that are even multiples of the fundamental 
excitation frequency. Thus, increasing the number of phases increases also the 
frequency of the lowest torque ripple component resulting in reduced vibration 
and acoustic noise. 
With the increase of number of phase and comparable dimensions, it becomes 
difficult to adopt a number of slot per pole per phase higher than one; despite this, 
it can be achieved a lower space-harmonics content in the air-gap magneto-motive 
force with respect to three-phase counterpart.  
Finally, increasing the number of phase and considering a fixed voltage and 
power allows to split the overall current in more than three-phases, the so-called 
power splitting concept. This strategy allows to increase the torque per rms 
ampere for the same machine volume as well as the size reduction of the 
conductor and the reduction of voltage and current rating of the power device. 
Among the key features of multiphase drive solution, it can be highlighted the 
potential size reduction of the overall drive system with the possibility to integrate 
the machine and converter in one device. 
With reference to the literature, the multiphase drives topologies can be 
classified as: 
 Conventional multiphase with single machine neutral point, Fig. 3.4.1 
 Multiple of independent single-phase units, Fig. 3.4.2 
 Multiple of independent three-phase units, Fig. 3.4.3 
The last two configurations fully satisfy the requirements of fault-tolerant 
operation for safety critical applications. In particular, the multiple of independent 
single-phase unit configuration allows the best fault tolerant operation since each 
converter can be disconnected from dc source. In addition, this configuration has 
the highest voltage utilization of the dc link since the maximum peak phase 
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 In addition, in this application the torque ripple can be an issue since the driver 
can feel it. Therefore, multiphase solutions may become a key requirement both 
for safety and comfort purpose.  
Multiphase drives are very popular even in low voltage-high power automotive 
applications such as starter-alternator; in this case the application exploits the 
advantage in terms of power segmentation for reducing the per-phase current of 
both, machine and power converter. Among the multiphase solution of starter-
generator presented in literature, the five-phase and six-phase options are certainly 
the most reported solutions [38]. Therefore, the seven-phase and the nine-phase 
solutions are also selected for this application.  
3.4. Conclusion 
Since the application requires high torque density and wide constant power 
speed range, only IPM and IM can be considered as viable candidates. Although 
IPM machines have high efficiency and the highest power density, the rising cost 
of rare earth materials discourage the use of PM machines for mass production 
application. Despite the lower torque density and power factor, the IM has been 
considered the best candidate for the application under consideration for its low 
cost, high overload capabilities, and good “intrinsic” flux-weakening 
characteristics. In addition, a reliable and robust mechanical design can be 
guaranteed. In the absence of a permanent-rotor magnetization, for this machine 
type, the handling of fault conditions is relatively simple and effective.  
For what it concerns the winding topology, the multiphase configuration seems 
to be essential to fully satisfy the required performance within the imposed 
constrains. Considering that, the multi-single phase configuration has higher fault 
tolerance and better exploitation of the dc link voltage but, for automotive 
application, it is considered as too much complicated in terms of component count 
and also as control scheme. Thus, the multi-three phase configuration with two 
independent three-phase sets represent a good solution in term of current splitting 
and system complexity.  
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3.5. Magnetic materials for high performance electrical 
machines 
A reliable design of an electrical machine able to satisfy the target 
specifications requires an accurate understanding of the magnetic material 
characteristics. Therefore, this section summarizes a characteristic comparison 
and selection guide for selected magnetic material used in high performance 
rotating electrical machine presented as described in [XII]. 
The most used magnetic material for electrical machines cores are based on 
three pure components: iron (Fe), cobalt (Co) and nickel (Ni), which are alloyed 
with other materials in order to improve their physical properties (permeability, 
mechanical strength, electric conductivity, etc.). Therefore, the typical magnetic 
material alloy, which are produced in thin lamination sheets (0.1-1 mm) are 
Silicon–Iron (SiFe), Cobalt–Iron (CoFe) and Nickel–Iron (NiFe).  
3.5.1. Silicon-iron – SiFe 
Non-oriented silicon-iron is undoubtedly the most used magnetic material in 
rotational electrical machines. It can be ordered from the producers as semi-
processed or fully-processed material. The former does not go through a final 
annealing process and is delivered without any coating while the letter is provided 
fully annealed and with the desired coating. 
Its chemical composition varies according to the desired physical properties; 
the main component is iron (93% up to 99%) while the remaining content is 
shared between silicon, Si, (up to 6.5%), aluminum, Al, (up to 1%) and 
manganese, Mn, (up to 0.5%). The silicon makes the iron alloy mechanically 
harder and increases the electrical resistivity. The drawback is a lower saturation 
magnetization and smaller permeability [XII]. Aluminum has a similar effect on 
the electrical resistivity and on the permeability of the material. The content of 
manganese leads to larger grains and thus a higher permeability, though it 
increases the losses as well [XII]. 
SiFe with a high silicon-content (up to 6.5%) are typically used for high-
speed machines due to their large electrical resistivity and thus low eddy current 
losses. However, the silicon content not only reduces the maximum flux density 
and permeability, it also makes the alloy more brittle, leading to more complicated 
and expensive manufacturing processes. 
The most of industrial machines are manufactured with standard non-oriented 
SiFe laminations, having silicon contents of 0.5% to 3%. Sheet thicknesses of 
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0.5 mm or thicker keep the manufacturing costs low and it is, in most cases, a 
good tradeoff between efficiency and costs for general industrial machines. Other 
SiFe lamination is represented by the so-called thin SiFe alloys (0.1 mm to 
0.27 mm thickness). They have around 3% silicon content and thus a lower 
electrical resistivity. However, the small lamination thickness still keeps the eddy 
current losses low at the cost of larger core assembly efforts and thus production 
costs, compared to thicker non-oriented SiFe laminations. Non-oriented SiFe is 
usually not finally annealed for industrial electrical machines due to the low 
performance increase with respect to the annealing costs and increased 
manufacturing time 
3.5.2. Cobalt iron – CoFe 
CoFe alloy is generally the most expensive with respect to SiFe and NiFe. If 
alloyed with iron, cobalt reaches the highest maximum saturation magnetization 
of all materials at room temperature (2.43 T for a 35% Co and 65% Fe alloy 
[XII]). A typical CoFe alloy for electrical machines has 48- 50% cobalt, around 
48% iron, and 2% vanadium. However, it should be mentioned that even for this 
typical composition there are different grades available, which differ in terms of 
other alloy additions and annealing behavior. 
With the increase of maximum saturation magnetization, it is possible to 
design electrical machines which are significantly reduced in size and in weight, 
respectively, which can in turn lead to electrical machines with very high power 
densities. 
CoFe alloys are mainly used in machine for aviation and space applications, 
where a reduction in weight pays of the higher price. A similar use is observed for 
electric and hybrid systems in motor sport applications. The mechanical strength 
of the material versus lower iron losses and a larger magnetic permeability can be 
controlled by either varying the ratio between the cobalt and iron content in the 
material [XII], by additional alloying the material with Niobium, or by changing 
the temperature cycle during the annealing process. 
3.5.3. Nickel-iron – NiFe 
NiFe laminations are a good choice if iron losses are a key aspect, e.g. for 
small high-speed machines. From the cost point of view, NiFe alloys lie generally 
in between CoFe and SiFe lamination sheets. The main advantage is their very 
low magnetic coercivity, which leads to a superior relative permeability μr 
compared to CoFe and SiFe materials. However, a drawback is the low saturation 
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and small maximum flux density. Typical NiFe laminations for electrical 
machines have a nickel content of 40-50%, where a higher nickel content typically 
leads to a larger permeability. However, the electric conductivity and thus eddy 
current losses are also increasing with nickel content [XII]. 
3.5.4. Manufacturing influence on the magnetic properties 
The treatment of the magnetic material during the manufacturing process 
significantly influences the magnetic properties; cutting and punching the 
lamination sheets introduce stress and reduce the material permeability especially 
close to the cut edge. In addition, the stacking technology of the lamination sheets 
(gluing, welding, interlocking, etc.) and further mechanical treatment introduce 
stress and short circuits between lamination layers a well as leading to increased 
eddy current losses [V]. 
A thermal treatment process (annealing) can largely restore this deterioration 
of the magnetic properties, as reported in [V]-[XXII]. Therefore, it is mainly a 
question of the cost if annealing should be applied [XII]. Typically, fully 
processed SiFe, amorphous materials, and soft magnetic composite materials may 
be used without a post-manufacturing annealing process, in order to keep the 
manufacturing costs low. However, for materials such as CoFe and NiFe, the 
annealing process is indispensable in order to obtain the desired magnetic 
properties at all. For these materials, a trade-off has to be made between the 
magnetic and mechanical properties of the material. Higher annealing 
temperatures support the grain size growth, leading to better magnetic properties 
and higher saturation magnetization. [V], [XXII]. 
Despite this, larger grain sizes improve the hysteresis losses and reduce the 
mechanical strength of the material and its hardness. Thus, the annealing process 
should be adapted to the needs of the machine design requirements. 
3.5.5. Conclusion 
Since the application requires cost-effective high torque density machines, the 
use of CoFe and NiFe for the lamination is discouraged because of their cost. 
Despite SiFe has low saturation level with respect to CoFe, it represents a good 
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LIST OF THE REQUESTED DESIGN SPECIFICATIONS 
Induction machine rated data 
Parameter Unit Name 
Vr V Phase rated voltage 
f Hz Rated frequency 
Ph - Number of phases 
Npole - Number of poles 
Tr Nm Torque 
Permissible active material stresses 
Bag T Maximum air-gap flux density 
Bts, Bys T Maximum flux density (stator teeth and stator yoke) 
Btr, Byr T Maximum flux density (rotor teeth and yoke) 
Js, Jr A/mm2 rms current density (stator and rotor) 
Geometric specifications 
λ=Lcore/Dr - Rotor aspect ratio 
Dsh mm Shaft diameter 
h11s, h12s, w0s  mm Stator slot enclosure dimensions 
h11r, h12r, w0r mm Rotor slot enclosure dimensions 
hah mm Thickness of the airgap 
Pack and filling coefficient 
Kir - Lamination pack coefficient 
Kcs, Kcr - Filling coefficient of the stator and rotor slots 
Stator winding specifications 
q - Number of slot per pole per phase 
Nr - Winding pitch reduction (in slot number) 
Rotor winding specifications 
Nsr - Rotor slot number 
Ri=τi/τp - Rotor skewing ratio 
First approximation quantities 
cos φ - Rated power factor 
ΔV V Stator voltage drop at rated load 




The requested input data to define the design process are listed in the Table III 
and they can be categorized as (i) design target with the machine rated data and 
(ii) design constrain according to the machine aspect ratio and the acceptable 
material stresses. Many of these values are well known from the designer, 
however guidelines for the first choice of the values (e.g. flux densities and 
current densities) can be found in several handbooks [47]. High values of current 
density can lead to excessive Joule losses and to consequent motor overheating 
while high flux density values can lead to high no-load current, low power factor 
and high iron losses. The shape of the motor is defined by the ratio between the 
rotor axial length and the rotor diameter. When the machine has to be sized in a 
defined volume (e.g. when the outer diameter or axial core length are imposed) 
the λ parameter can be changed in an iterative way until the constraint is 
respected. The shaft diameter and the airgap thickness can be defined “a priori” or 
on the basis of the mechanical requirement.  
 
4.1.1. Rotor lamination design 
The rotor diameter can be defined, as a first attempt, slightly higher than the 
shaft diameter (Dr > Dsh) while the rotor lamination length is defined according to 
the rotor aspect ratio Lcore=λDr.  
The preliminary problem to be solved is the computation of the rotor slot 
dimensions according to the defined magnetic and geometrical constraints. 
The rotor geometry can have slots with parallel edges (rectangular slots) 
Fig. 4.2a or tooth with parallel edges (trapezoidal slots) Fig. 4.2b. 
The former topology is usually chosen when the rotor cage is produced by 
using copper bars, while, the latter solution allows a better exploitation of the 
rotor tooth and it is mostly used in case of die cast rotor cage. However, these two 
cases are the simplified shape of the rotor slots typically used in induction motors. 
As known the rotor slot shape is a decisive factor during starting operation 
therefore they are designed with narrowing or enlarging shape along the radial 
height for obtaining the desired skin effect. 
As a first attempt, the rotor design with complex slot shape can be carried out 
using the simplified slot shape (rectangular or trapezoidal) and lower the natural 
filling coefficient Kcr. In this way is possible to take into account the incomplete 
use of the slot area as depicted in Fig. 4.3 where A3 is the area of the shaped slot 
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ߙ௥௦ ൌ 2ߨ/ ௦ܰ௥  rotor slot angular pitch 
ܦ௘௫௧_௬௥ ൌ ܦ௦௛ ൅ 2݄௥௢௧௢௥	௬௢௞௘ rotor yoke external diameter 
According to Fig. 4.4a the following geometrical dimensions of the rotor slot 
can be obtained. 
 
݄௥௚ ൌ ஽ೝି஽೐ೣ೟	೤ೝଶ െ ݄ଵ   slot useful height (4.6) 
 
ݓ௕௥ ൌ ቀܦ௘௫௧	௬௥ െ ௪ೝ೚೟೚ೝ	೟೚೚೟೓ୱ୧୬ሺఈೞೝ/ଶሻ ቁ ݐܽ݊
ఈೞೝ
ଶ  slot bottom width  (4.7) 
 
ݓ௧௥ ൌ ݓ௕௥ ൅ 2݄௨௥ tan ఈೞೝଶ    slot top width   (4.8) 
 
It has to be remarked that these dimensions must be verified in terms of 
geometrical compatibility, in particular in the following two cases: 
 
Case 1: hur<0. In this case, the design attempt is aborted and the computation 
procedure start again with a new increased rotor diameter ( Dr=Dr old+ΔDr) 
Case 2: The bottom width of the trapezoidal slot must be greater than zero 
 
ݓ௕௥ ൐ 0 ൌ൐ 	ܦ௘௫௧	௬௥ ൐ 	௪ೝ೚೟೚ೝ	೟೚೚೟೓ୱ୧୬	ሺ ఈೞೝ/ଶሻ      (4.9) 
 
If this condition is not verified the rotor slot shape will be triangular, but the 
design it can be considered acceptable, as shown in Fig. 4.4b. 
This condition occurs if the rotor tooth width is very large or if the rotor yoke 
width is very narrow. In this case it is necessary to redesign the slot and to 
determine the rotor yoke starting from the condition of degenerated slot 
(triangular). As a consequence, the yoke width, the slot height and the slot width 
on the top have to be computed following the procedure hereafter 
 
ݓ௕௥ ≡ 0 ൌ൐	ܦ௘௫௧	௬௥ ൐ 	௪ೝ೚೟೚ೝ	೟೚೚೟೓ୱ୧୬	ሺ ఈೞೝ/ଶሻ      (4.10) 
 
݄௥௢௧௢௥	௬௢௞௘ ൌ ஽೐ೣ೟	೤ೝି஽ೞ೓ଶ        (4.11) 
 
݄௨௥ ൌ ஽ೝି஽೐ೣ೟	೤ೝି	ଶ௛భଶ        (4.12) 
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ଶ െ ݄ଵ െ
௪ೝ೚೟೚ೝ	೟೚೚೟೓
ଶ ୱ୧୬ሺఈೞೝ/ଶሻቁ    (4.16) 
 
Consequently, the external rotor yoke diameter results equal to 
 
ܦ௘௫௧	௬௥	௢௣௧ ൌ ௪ೝ೚೟೚ೝ	೟೚೚೟೓ଶ ୱ୧୬ሺఈೞೝ/ଶሻ ൅
஽ೝ
ଶ െ ݄ଵ    (4.17) 
 
This condition is possible only if the rotor yoke external diameter computed by 
(4.14) is lower than the one computed by (4.17). 
Finally, the rectangular slot geometry can be computed by (4.18) and (4.19) 
 
݄௨௥ ൌ ஽ೝିଶ௛భି஽೐ೣ೟	೤ೝଶ        (4.18) 
 
ݓ௕௥ ൌ ݓ௧௥ ൌ ቀܦ௘௫௧	௬௥ െ ௪ೝ೚೟೚ೝ	೟೚೚೟೓ୱ୧୬ሺఈೞೝ/ଶሻ ቁ ݐܽ݊
ఈೞೝ
ଶ     (4.19) 
 
 
4.1.2. Torque Computation 
Once the first attempt of rotor lamination dimensions have been computed, it is 
possible to compute the deliverable torque. The rotor dimensions (length and 
diameter) will have to increase step by step until the obtained torque will be equal 
or greater than the requested one. The procedure for the electromagnetic torque 
computation is hereafter reported. 
 
Rotor useful area 
From the rotor slot dimensions is possible to obtain the useful slot area that 
represents the available slot portion for the winding conductors. 
Generally, the useful rotor slot area Aur can be defined (both for trapezoidal and 
rectangular slot) by the following relation 
 
ܣ௦௥ ൌ 	ܣ௨௥ ൅ ܣଵ ൌ ሺݓ௕௥ ൅ ݓ௧௥ሻ ௛ೠೝଶ ൅ ܣଵ   (4.20) 
 
Where A1 represent the slot-closing region as shown in Fig. 4.5. It is important 
to highlight that the dimensions of the closing region can be defined “a priori” 




ܣ௦௥ ൌ ሺݓ௕௥ ൅ ݓ௧௥ሻ ௛ೠೝଶ ൅ ሺݓ௢௥ ൅ ݓ௧௥ሻ
௛భమ
ଶ ଵ    (4.21) 
 
In case of skewing of the rotor, the available area is reduced according to 
(4.22) 
 
ܣ௦௥ᇱ ൌ ܭ௚௜ܣ௦௥       (4.22) 
 
Where Kgi is the geometrical skewing coefficient 
 
ܭ௚௜ ൌ ௅೎೚ೝ೐ට௅೎೚ೝ೐మ ାఛ೔మ
        (4.23) 
 
The skew pitch τi is a fraction of Ri of motor pole pitch 
߬௜ ൌ ܴ௜߬௣ ൌ ܴ௜ ଶగ஽ೝே೛೚೗೐       (4.24) 
 
Finally, it is possible to define the net area of the conductive material and, as a 
consequence, from the imposed current density it can be computed the rms current 
in the rotor bar (4.25) 
 
ܫ௥,௥௠௦ ൌ ܬ௥ܭ௖௥ܭ௚௜ܣ௦௥       (4.25) 
 
Flux density distribution along the air-gap 
 
Considering a progressive index k for the number of the rotor slot (k from 1 to 
Ncr), the active air-gap flux density in correspondence to the rotor slot k, in a 
generic time instant, can be written as follow 
 
ܤ௞ ൌ ܤ௔௚ sin ቀே೛೚೗೐ଶ ߙ௞ቁ       (4.26) 
Where ߙ௞ ൌ ݇ ଶగேೞೝ 
In case of skewed rotor, the flux density to take into account for the 
electromechanical interaction is the average one along the bars (23) 
 




߯௜ ൌ ଶோ೔గ sin ቀ
ோ೔గ
ଶ ቁ is the electric skewing coefficient and ܴ௜ߨ is the electric 
skewing angle 
 
Current distribution in the rotor slots 
 
The fundamental distribution of the current induced in the rotor conductors by 
the fundamental flux density can be defined as follows 
 
ܫ௥,௞ ൌ √2ܫ௥,௥௠௦ sin ቀே೛೚೗೐ଶ ߙ௞ െ ߰ቁ     (4.28) 
 
Where ߰ is the angle between current and voltage induced in the bar. This 
angle is a function of the slip frequency and it can be determined by means (4.29) 
 
tan߰ ൌ ݏ݈݅݌߱ ௅഑,್ೌೝோ್ೌೝ        (4.29) 
 
Where Lbar and Rbar are the leakage inductance and resistance of the conductive 
cage, respectively. Assuming that the slip is very small at rated load condition, the 




The motor torque can be evaluated by the interaction between the air-gap flux 
density distribution (sinusoidal), Bag, and the rotor bar currents, Ir. The torque can 
be computed as the sum of the contributions of each bar. 
 
ܶ ൌ ∑ ܤ௞ܫ௥,௞ ௅೎೚ೝ೐஽ೝଶ
ேೞೝ௞ୀଵ        (4.30) 
 
The addition of the contributions can be written as follow. 
 
ܶ ൌ √22 ߯௜ܤ௔௚ܫ௥,௥௠௦ܮ௖௢௥௘ܦ௥ ෍ sin ൬
௣ܰ௢௟௘
2 ߙ௞൰ sin ൬
௣ܰ௢௟௘




ൌ √ଶସ ߯௜ ௦ܰ௥ܤ௔௚ܫ௥,௥௠௦ܮ௖௢௥௘ܦ௥ cos߰     (4.31) 
 




ௗܶ௘௦௜௚௡ ൌ ܭ௧௢௥ √ଶସ ߯௜ ௦ܰ௥ܤ௔௚ܬ௥ܭ௖௥ܭ௚௜ܣ௦௥ܮ௖௢௥௘ܦ௥   (4.32) 
 
The coefficient Ktor is lower than 1 (typically 0.9-0.95) and it accounts for: 
 The phase delay ߰ between rotor current and flux density 
 The mechanical losses of the machine 
 The additional torque due to higher spatial harmonics  
4.1.3. Final design step 
Once the rotor dimensions Dr and L core are defined for deliver the required 
torque, it is possible to design the others part of the electrical machine. 
Cage ring cross-section 
The cross section of the end ring can be evaluated taking into account the ring 




ଶୱ୧୬൫గே೛೚೗೐/ேೞೝ൯       (4.33) 
Assuming to have the same current density both in the bars and in the end-
rings, the ring cross section can be computed by 
ܣ௥௜௡௚ ൌ ௄೎ೝ௄೒೔஺ೞೝଶ ୱ୧୬൫గே೛೚೗೐/ேೞೝ൯       (4.34) 
Stator Phase winding 
Considering the specification imposed for the stator winding such as Vr, q, nr 
and cosφ, it is possible to compute the number of turn of the winding. The rated 
E.M.F., Er, induced in the stator phase winding by the air-gap flux density 
distribution of amplitude Bag, can be approximated as ܧ௥ ൌ ௥ܸ െ Δܸ. For a typical 
three-phase winding structure with shortened pitch, the stator winding coefficient 
Kw is defined by 
ܭ௪ ൌ ܭ௪ሺݍ, ݊௥ሻ ൌ ୡ୭ୱሺ௡ೝగ/଺௤ሻଶ௤ ୱ୧୬ሺగ/଺௤ሻ      (4.35) 
Then, the number of conductors in series per phase Zph for obtaining the air-gap 
flux density distribution able to produce the requested EMF are: 
ܼ௣௛ ൌ √ଶாೝே೛೚೗೐ଶగ௙ೝ௄ೢఞ೔஻ೌ೒஽ೝ௅೎೚ೝ೐       (4.36) 
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As a consequence, the number of conductors in series per slot results 
ܼ௖ ൌ ௓೛೓௤ே೛೚೗೐        (4.37) 
The number of conductors Zc must be approximated to an integer number or to 
a simple fraction of the pole number if the winding will be produced connecting in 
series or in parallel the poles. 
Stator phase current 
Once the conductor is series per phase Zph and the rotor bar current Ir are 
known, it is possible to obtain in first approximation the stator phase rated current. 
In fact, from the magneto motive force production point of view, the rotor bar 
current Ir is equivalent to a fictitious stator current Ir’ flowing in stator winding. 
This equivalent current Ir’ can be calculated by 
ܫ௥ᇱ ൌ ேೞೝଷ௄ೢ௓೛೓ ܫ௥        (4.38) 
The stator phase current includes both magnetizing current and rotor current 
referred to the stator. Since the magnetizing is still not known, it is possible to 




ୡ୭ୱథ         (4.39) 
In terms of vector diagrams, the adopted simplification is shown in Fig. 4.6 
however the committed error is negligible at this design step. Since the power 
factor at rated condition depends on several quantities and parameters (leakage 
reactance, number of poles, air-gap thickness etc.) only when the design will be 
completed a reliable estimation of the actual power factor is possible. At this 
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The stator slot width at the top of the slot (close to the air-gap) can be obtained 
as difference 
ݓ௧௦ ൌ గሺ஽೔ೞାଶ௛భሻேೞೞ െ ݓ௦௧       (4.43) 
Where h1is the stator slot closing region height, as shown in Fig.4.7a. As for 
the rotor lamination, rectangular and trapezoidal slot shape can also be considered 
for the stator lamination. However, in this case the problem to be solved is 
different, in fact the slot area is known and the slot height has to be determined. 
With reference to the trapezoidal geometry shown in Fig. 4.7a is possible to define 
the useful area of the slot as Aus=Ass-A1 
Where A1 is the closing zone area of the stator slot that can be calculated by 
(4.44) 
ܣଵ ൌ ଵଶ ሺݓ௧௦ ൅ ݓ௢௦ሻ݄ଵଶ       (4.44) 
Independently of the slot shape, the following equation must be verified 
ܣ௨௦ ൌ ௪೟ೞା௪್ೞଶ ݄௨௦        (4.45) 
Trapezoidal slot 
Defining the angular pitch of the stator slot as αss=2π/Nss, the slot bottom width 
wbs can be computed by the following equations 
ݓ௕௦ ൌ ݓ௧௦ ቀ1 ൅ ௛ೠೞொ௉ቁ       (4.46) 
ܳܲ ൌ ஽೔ೞାଶ௛భଶ െ	
௪ೞ೟
ଶ ୱ୧୬ሺఈೞೞ/ଶሻ      (4.47) 
In this case, the slot useful height hus has to computed by solving (4.48) 
rejecting the inconsistent solution 
൞
ܣ௨௦ ൌ ݓ௧௦݄௨௦ ൅ ଵଶݓ௧௦
௛ೠೞమ
ொ௉
݄௨௦ ൌ ටଶ஺ೠೞொ௉௪೟ೞ ൅ ܳܲଶ െ ܳܲ
      (4.48) 
Rectangular slot 
In case of rectangular slots, the bottom width is equal to the top width; as a 
consequence, the following relations can be defined 
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ݓ௕௦ ൌ ݓ௧௦         (4.49) 
݄௨௦ ൌ ஺ೠೞ௪೟ೞ         (4.50) 
Stator yoke 
The height of the stator yoke must support the stator yoke flux respecting the 
imposed maximum flux density Bys 
Φ௦௧௔௧௢௥	௬௢௞௘ ൌ ܤ௔௚ ஽ೝ௅೎೚ೝ೐ே೛೚೗೐       (4.51) 
݄௦௧௔௧௢௥	௬௢௞௘ ൌ ஍ೞ೟ೌ೟೚ೝ	೤೚ೖ೐௄೔ೝ஻೤ೞ௅೎೚ೝ೐        (4.52) 
The stator yoke inner diameter is defined by (4.53) 
ܦ௜௡௡	௬௦ ൌ ܦ௜௦ ൅ 2ሺ݄ଵ ൅ ݄௨௦ሻ      (4.53) 
Finally, the external stator yoke diameter Dext ys can be computed as 
ܦ௘௫௧	௬௦ ൌ ܦ௜௡௡	௬௦ ൅ 2݄௦௧௔௧௢௥	௬௢௞௘     (4.54) 
Remarks 
The described approach allows the preliminary electromagnetic sizing of 
induction machines defining the geometrical dimensions of stator and rotor 
lamination and the three-phase stator winding structure. Considering that for the 
starter-generator under study was selected a double three-phase winding 
configuration (60 electrical degree shift), it is necessary to refer the obtained 
three-phase results into the wanted winding topology. In particular, the number of 
conductor in series per phase of the double three-phase system, Zdouble-3ph, are 
equal to Zdouble-3ph = Zph/2. 
In addition, the obtained results have to be considered as input data for the 
design refinement step. In particular, a revision of the initial stator and rotor 
lamination geometries is necessary to take into account more realistic slot shapes 
(fillets, chamfers, special shape etc.). Furthermore, the design has to be evaluated 




4.2. Design description 
Among the six-phase induction machines, it has been selected a double three-
phase solution (with insulated neutral points), where the magnetic axes of the 
stator phases are shifted by 60 electrical degrees. As previously mentioned, this 
winding configuration allows obtaining a magneto-motive force distribution equal 
to the one produced by a conventional three-phase winding topology. Therefore, 
the initial electromagnetic sizing of the prototype has been done in accordance to 
the methodology previously described for a three-phase machine considering the 
input data listed in Table IV. It should be remarked that the rated voltage adopted 
during the design procedure is two times the voltage required in double-three-
phase configuration.  
Considering that the maximum phase voltage obtainable from a 48 V dc power 
supply is 19.5 Vrms (4.2.1), the rated phase voltage in double-three phase 
configuration has been defined equal to 16.5 Vrms. at 350 Hz (33 Vrms considering 
an equivalent three-phase winding configuration). The maximum available phase 
voltage value of 19.5 Vrms, is therefore used to reach the top speed; in this 
condition, the corresponding supply frequency is equal to 1300 Hz. 
 
௣ܸ௛௔௦௘,௥௠௦ ൌ ௏೏೎∙ଵ.ଵହଶ∙√ଶ ൌ
ସ଼∙ଵ.ଵହ
ଶ∙√ଶ ൌ 19.5	ܸ      (4.2.1) 
 
Since the machine is required to operate during short-term load condition, it 
has to be remarked that reference torque as well as the design stress indexes of the 
materials listed in Table IV (stator and rotor current density and flux density) are 
referred to a load peak.  
The design procedure leads to obtain a solution with the stator outer diameter 
and the active axial length equal to 150 mm and 50 mm, respectively. These 
overall dimensions are compatible with the volume constraints previously 
discussed and they bring to a challenging power and torque density of 11 kW/dm3 
(11 MW/m3) and 50 Nm/dm3 (50 kNm/m3, peak value/active volume) 
respectively. The design is then refined by means of analytical computations 
([48], [49]) and 2D Finite Element Method (FEM) simulations, mainly for the 
shape of stator teeth and rotor slots. The preliminary assessment of the thermal 
capability under such high dynamic application is analyzed by means of a 
simplified thermal model. 
Regarding the machine magnetic structure, the conventional silicon iron 
laminations M270-35A have been adopted for mass-production market reasons, 
whose magnetic property can be found in [50].  
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Starting from the same specifications two different prototypes have been design 
and produced; the only difference between two machines is the rotor, which is 
designed with closed slots in the first prototype and open slots in the second one. 
The aim is to investigate the trade-off between electromagnetic performance and 
mechanical issues due to the high rotating speed. 
TABLE IV 
THREE-PHASE EQUIVALENT DESIGN INPUT DATA 
Induction machine rated data 
Parameter Unit Name 
Vr V 33 
f Hz 350 
Ph - 3 
Npole - 8 
Tr Nm 30 
Permissible active material stresses 
Bag T 0.85 
Bts, Bys T 1.6, 1.6 
Btr, Byr T 1.5, 1.5 
Js, Jr A/mm2 25, 24 
Geometric specifications 
λ=Lcore/Dr - 0.5 
Dsh mm 30 
hah mm 0.3 
Pack and filling coefficient 
Kir - 0.95 
Kcs, Kcr - 0.7, 0.95 
Stator winding specifications 
q - 1.5 
Nr - 1 
Rotor winding specifications 
Nsr - 58 
First approximation quantities 
cos φ - 0.8 




4.2.1. Magnetic core 
Stator lamination 
In the first approximation, the pole count does not have direct consequence in 
the torque production [51], [52]. However, it should be borne in mind that several 
other machine features are depending on the pole number selection, in particular 
when fixed dimension are considered.  
One of the most significant difference concerns the smaller flux per pole 
resulting from increasing the number of poles [51]. Considering the same peak 
flux density and spatial flux variation, the flux per pole is proportional to the pole 
area that decreases as the pole number increases. As an example to keep the same 
flux density in the stator and rotor yokes, the yoke thickness of the eight pole 
machine it should be half that a four-pole machine. So for the same stator 
diameter, the eight-pole machine has higher rotor diameter and thus it will deliver 
more torque.  
In addition, the number of pole influences the magnetic circuit of the machine 
with effects on the magnetizing reactance. In particular, the magnetizing reactance 
decreases with the pole pair increase, resulting in a lower power factor for 
machines having high number of poles. At fixed rotating speed, the pole pair 
impacts on the fundamental supply frequency and thus on core losses and 
additional losses in the stator winding. 
Hence, during design step a fair evaluation of the pole count has to be done 
considering the total losses, efficiency, power factor, and the overall torque-speed 
requirements. 
For the case under study, the trade-off in the pole number selection, leads to the 
8-pole configuration. Even if the stator diameters are relatively small, 72 stator 
slots have been used to accommodate the six-stator phases with a number of slots 
per pole per phase higher than one. The stator slots have been designed with a 
rectangular shape to facilitate the accommodation of the stator bar winding; the 
obtained preliminary dimensions have been then refined considering the tradeoff 
between electromagnetic performance and manufacturing issues of the winding 
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4.2.2. Stator winding 
The design of the stator winding is considered one of the most important 
aspects to achieve greater level of performance while maintaining acceptable 
reliability. This general statement became more important when dealing with 
electrical machine for traction. In fact, the need to save weight and space and ever 
improving performance leads to drive the machine with high peak current density: 
it not uncommon for electrical machine for traction to be have peak stator winding 
current densities of 30 A/mm2 or greater. Therefore, the proper winding 
configuration as well the conductor selection is essential to ensure a fully 
achievement of performance and reliability. 
The use of stranded wires or rectangular conductors for stator winding leads to 
different electromagnetic and thermal behavior; in this section, the two topologies 
are initially discussed. Generally speaking, winding with rectangular wire section 
(also called bar wound, form-wound, hair pin etc.) has some advantages with 
respect to stranded winding type. The rectangular conductor can fill much better 
the volume of the slot with respect to stranded solution, in particular in the stator 
tooth opening. This leads to reduce the copper losses and then improving the 
efficiency at low speed. In addition, with a same sized machine is possible to 
increase the current density and deliver more peak power. Another advantage 
related bar winding is the larger contact surface between copper and the 
surrounding iron and air that allows obtaining lower winding thermal resistance. 
Furthermore, thanks to an increased thermal capacitance of the winding, due to 
high fill factor, bar windings offer benefits also from the thermal transient point of 
view. Exploiting the thermal capacitance of the winding it is possible to cope with 
the short overload operating point such as engine cranking, boosting or 
regenerative breaking. 
Nevertheless, due to the large cross section of the conductors, bar winding 
topology are very sensitive to skin and proximity effect involved by the armature 
reaction at high supply frequency. Therefore, the additional Joule losses in the 
winding must be carefully taken into account during the design stage and, if 
needed, solutions aimed to mitigate the phenomena such as multi-layer winding 
must be adopted. 
 
A. Preliminary Winding Thermal Assessment 
 
In order to preliminarily evaluate the electrical machine thermal capability, the 
impact of the fill factor on the phase ohmic resistance, on the winding thermal 
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capacitance and on the thermal resistance between winding and iron lamination 
has been evaluated in accordance to the methodology presented in [XVII].  
It is worth to notice that the initial winding temperature rise is linear since heat 
transfer is by conduction only and heat is stored in the conductor thermal mass as 
adiabatic process [79]. Therefore, it is possible to evaluate the winding 
temperature rise during overload by knowing the thermal energy dissipated and 
the thermal capacitance in which it is stored. 
If the characteristics of the winding including the end-winding length are 
known, the phase ohmic resistance as well as the winding thermal capacitance can 
be computed with certain accuracy.  
In addition, since the reference load profile (see Fig. 3.2.3) and the stator phase 
current necessary for deliver the required torque (equation 4.39) are also known, it 
is possible to estimate the energy stored in the winding.  
The phase ohmic resistance has been evaluated with reference to the procedure 
described in section 5.1.1 of the next chapter. Concerning the winding thermal 
capacitance, its value includes the thermal capacitance of the conductor as well as 
the thermal capacitance of the insulation system [XIX] as expressed by (4.2.1) 
 
ܥ௪௜௡ௗ ൌ ܥ௖௨ ൅ ܥ௜௡௦        (4.2.1) 
 
Ccu can be computed by using (4.2.2) 
 
ܥ௖௨ ൌ ௖ܸ௨ݏݓ௖௨ܿ௖௨ ൌ ݉ܿ௖௨      (4.2.2) 
 
Where V is the volume, sw is the specific weight, m is the weight and c is the 
specific heat, all referred to the copper.  
The insulation system thermal capacitance, Cins, can only be roughly estimated 
due to a complex multi-material system. Using an average specific quantity can 
mitigate the lack of information concerning the material characteristic and 
manufacturing process Thus, referring to the values presented in [XI], the 
insulation system equivalent specific weight has been considered equal to 
1300 kg/m3 while the equivalent specific heat equal to 1000 J/(kg K). 
 
ܥ௜௡௦ ൌ ௜ܸ௡௦ݏݓ௜௡௦ܿ௜௡௦ ൌ ݉ܿ௜௡௦      (4.2.3) 
 
Finally, the thermal resistance has been evaluated according the procedure 




ܴ௖௨ି௜௥ ൌ ሺଵି௙௙ሻ஺ೞ೗೚೟௞೎ೠష೔ೝேೞ௟ೞ೗೚೟మ ௟೎೚ೝ೐      (4.2.4) 
 
Where, ff is the fill factor, Aslot is the useful area of the slot, lslot is the slot 
perimeter, lcore is the axial length and kcu-ir is the equivalent thermal conductivity. 
In Table V are reported the computed values for both, bar and stranded 
conductor winding. The fill factor with bar conductor is equal to 0.6, this is 
obtained considering a 4-layer winding having one rectangular bar (1.6x3.55 mm) 
per layer, as sketched in Fig. 4.2.2.2. In the 2-layer winding stranded conductor 
case, the fill factor is equal to 0.3 and it is obtained accommodating 9 parallel 
wires/layer of 0.5 mm diameter. It must be noticed that the end-windings are 
included in the computations; in the case under study the end-winding thermal 
capacitance amounts to 60-70% of the total winding thermal capacitance.  
Short-time thermal simulations of the stator winding have been performed 
considering adiabatic process, so the winding temperature can be expressed as 
௪ܶ௜௡ௗሺݐሻ ൌ ሺ ௃ܲ௢௨௟௘ݐሻ/ܥ௪௜௡ௗ.  
Fig. 4.2.2.1 shows the over-temperature comparison between the two winding 
topology while powered with a heat source of 4.5 kW (Joule losses in the winding 
during overload condition). It can be noticed that after only 5 seconds the over-
temperature of the stranded winding is 10 °C higher than bar winding one. This 
difference can be relevant to remain within the class of insulation thermal limit 
during overload condition.  
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Fig. 4.2.2.1 Predicted over-temperature of solid bar and stranded stator 
winding during short time transient. 
 
B. Additional Joule losses 
 
Since the maximum supply frequency of the prototype is 1300 Hz, the 
additional Joule losses in the stator winding have been carefully accounted during 
the design stage. The adopted calculation method makes use of an ac resistance 
factor, kr, to evaluate the ac losses [47]. This factor is defined as the ratio between 
the ac and dc resistance values, given by (4.2.5): 
 
݇௥ ൌ ோೌ೎ோ೏೎ ൌ ߮ሺߦሻ ൅ ߰ሺߦሻ
ሺ௠మିଵሻ
ଷ       (4.2.5) 
where, 
ߦ ൌ ݄ටߨ݂ గఓబఘ
௕೎
௕        (4.2.6) 
 
߮ ൌ ߦ ୱ୧୬୦ሺଶకሻାୱ୧୬ሺଶకሻcoshሺకሻିୡ୭ୱሺకሻ       (4.2.7) 
߰ ൌ 2ߦ ୱ୧୬୦ሺଶకሻିୱ୧୬ሺଶకሻcoshሺకሻାୡ୭ୱሺకሻ       (4.2.8) 
and ρ is the resistivity of the winding material (copper in the case under study). As 
depicted in Fig. 4.2.2.2, m is the number of conductor layers, h is the height of the 
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Fig. 4.2.2.6. Goerges polygon of the two three-phase set. 
On the basis of these considerations, it can be stated that quadruple layer bar 
winding topology represents a better trade-off between electromagnetic and 
thermal behavior with respect to both stranded and double layer massive bar 
solutions. The prototype adopts a quadruple-layer double three-phase stator 
winding, having 72 slots, 8 poles and one slot pitch shortening; the scheme is 
reported in Fig. 4.2.2.7. To further mitigate the phenomenon, the semi-open stator 
slot shown in Fig. 4.2.1.2 has been used and the winding bars have been inserted 
from the hand side instead the slot opening. 
Fig. 4.2.2.6 shows the Goerges diagram for unitary current value of the adopted 
winding configuration (see Fig 4.2.2.7). It can be noticed the correspondence 
between the two three-phase set; this finding confirms that the proposed double 
three-phase configuration can be analytically represented as a conventional three-
















































ig. 4.2.2.7. Double three-phase st
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ator winding layout, 4 layers, 72 slots 8 poles. 
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5. Simulations and Experimental 
 Results 
5.1. Single-phase Equivalent Circuit 
Once the electromagnetic design has been successfully completed, the machine 
performance in terms of torque and current characteristics must be evaluated. 
The fastest and viable approach to perform this validation of poly-phase 
machine is to use equivalent circuits [58]. In particular, the IEEE standard is 
referred to conventional three-phase machine but the application of equivalent 
circuit can be extended to multi-phase machine as well. In this regards, in 
literature can be find several examples of its application for different multi-phase 
winding topology, symmetrical as well as asymmetrical [85]-[87]. The 
performance of the investigated double-three phase machine is computed by using 
the single-phase equivalent circuit reported in Fig. 5.1.1. The power computation 
has been done considering the number of phases equal to six.  
It is important to highlight that the magnetizing inductance, the rotor leakage 
inductance and the rotor resistance are non-linear component. In particular, the 
magnetizing inductance has to be determined taking into account the lamination 
magnetic saturation while the rotor resistance account for the skin effect of the 
rotor bars. The solution of the non-linear equivalent circuit allows predicting the 
machine performance such as torque, power, currents, losses, etc. The additional 
losses are not considered in the circuit however it is possible to include an 
equivalent resistance that accounts for additional losses in the machine power 
balance. The parameters of the equivalent circuit of the designed starter-generator 
are determined from geometrical data of the machine using magnetic circuit 
analysis. In [55][56] is presented the complete collection of the used equations 
and algorithms for the computation of the equivalent circuit parameters starting 
from the lamination and winding design. Hereafter are summarized the main 
formulation used for the parameters evaluation while the required geometrical 
data for the parameters computation are: 
 Stator and rotor diameters (inner and outer) 
 Axial core length 
 Stator and rotor slot number 
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ே೛೚೗೐௤ ߣ௦௟௢௧ܮ௦௟௢௧     (5.1.13) 
 
Stator slot leakage inductance: shortened pitch 
In case of double layer shortened pitch winding, conductors of different phases 
are present in some slots. The magnetic energy stored in a slot can be computed 
according to the following equation 
ܧ௪ ൌ ଵଶ ߤ଴ܮ௦௟௢௧ ׬ ሺܪଵሺݔሻ ൅ ܪଶሺݔሻሻଶ ∙ ݓሺݔሻ݀ݔ
௛
଴    (5.1.14) 
Where H1(x) and H1(x) are the magnetic field produced by the current of layer 
1 and layer 2, respectively. The magnetic energy in the slots can be written as the 
three contributions 
ܧ௪,ଵ ൌ 12 ߣ௦௟௢௧,ଵܮ௦௟௢௧ܫ௟௔௬௘௥,ଵ
ଶ  
ܧ௪,ଶ ൌ 12 ߣ௦௟௢௧,ଶܮ௦௟௢௧ܫ௟௔௬௘௥,ଶ
ଶ  
 
ܧ௪,ଵ ൌ 12 ߣ௦௟௢௧,ଵଶܮ௦௟௢௧ܫ௟௔௬௘௥,ଵܫ௟௔௬௘௥,ଶ 
 
If the two layers have the same number of conductors per slot, the leakage 





ସ ܮ௦௟௢௧  (5.1.15) 
 
Rotor slot leakage inductance 
The rotor leakage inductance can be easily evaluated by (5.1.16) since the rotor 
phase corresponds to a single bar of the squirrel cage,  
 
ܮ௦௟௢௧_௟௘௔௞௔௚௘ ൌ ߣ௦௟௢௧ܮ௦௟௢௧       (5.1.16) 
 
End-winding leakage inductance 
The computation of end-winding leakage inductance component is not a simple 
task due to their complex geometry. However, the linked flux with the end-




߶ு ≅ ߤ଴ ூ೓ଶగ ݈݋݃ ቀ
௅೓
௣೓ቁ ܮ௛      (5.1.17) 
Where Ih is the end winding current, Lh is the end winding length and ph is the 
half perimeter of the end winding cross section. 
Defining the following quantities 
 
ܼ௅ ൌ ௓೛೓ଶ௤ே೛೚೗೐ number of layer conductor in series 
ܼ௛ ൌ ݍܼ௅number of end-winding conductor in series 
 
The total end-winding phase leakage inductance has to be computed by 
summing the contributions of all the phase taking into account the coupling with 
other phases. As a consequence, for the considered winding type the end-winding 
leakage inductance is 
ܮ௣௛௔௦௘_௘௡ௗ௪௜௡ௗ௜௡௚ ൌ ߤ଴2ߨ
ܼ௣௛ଶ






Airgap leakage inductance 
The airgap leakage inductance for both, stator and rotor component is 
presented in this section. 
 
Stator leakage inductance 
The harmonic decomposition of M.M.F. along the airgap generates by three-
phase sinusoidal current is given by (5.1.18) 
 
ܣଷሺߙ, ݐሻ ൌ ଷଶ ܫ௠௔௫ ∑
௓೛೓௄ೢ,೓
௛గே೛೚೗೐/ଶ sin	ሺ݄݌ߙ െ ߱ݐሻ௛ୀ଺௞ାଵ   (5.1.18) 
Neglecting the iron influence, the whole M.M.F. distribution drop along the 
airgap and the M.M.F. amplitude for the hth-order harmonics results in 
ܣ௛ ൌ ଷଶ
௓೛೓௄ೢ,೓
௛గே೛೚೗೐/ଶ ܫ௠௔௫      (5.1.19) 
Consequently, the flux density amplitude for the hth-order harmonics 
ܤ௛ሺߙ, ݐሻ ൌ ଷଶ
௓೛೓௄ೢ,೓
௛గே೛೚೗೐/ଶ௄೎ೞ,೓௄೎,ೌೡ೐ೃ௛ೌ೔ೝ೒ೌ೛ ܫ௠௔௫    (5.1.20) 
Where hairgap is the airgap thickness, kcs,h is the harmonic Carter coefficient for 
the stator hth field harmonic, Kc,aveR is the average Carter coefficient for the rotor. 
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The main flux liked to the stator winding can be computed from the sum of all the 
harmonic contributions. 




௄೎ೞ,೓௄೎,ೌೡ೐ೃ௛ೌ೔ೝ೒ೌ೛ ܫ௠௔௫   (5.1.21) 







Since only the fundamental flux wave rotates at the correct speed and only this 
component act on the electromechanical energy conversion, the higher flux 
component of high order is considered as leakage component. 
Therefore, the airgap-leakage inductance is defined as (5.1.22) 
ܮ௟௘௔௞௔௚௘_௔௜௥௚௔௣ ൌ ܮ௠,௠௔௜௡ െ ܮ௠,௙௨௡ௗ    (5.1.22) 
Approximating the harmonic Carter coefficient through the average Carter 
coefficient ܭ௖௦,௛ܭ௖,௔௩௘ோ ൎ ܭ௖,௔௩௘ௌோ the following equations can be obtained for 
the main and fundamental magnetizing inductance. 






Rotor airgap Leakage Inductance 
The rotor leakage inductance of the rotor is defined as the difference between 
the main and fundamental magnetizing inductances. 
The former is defined as the ratio between the E.M.F induced in a bar and the 
time derivative of the bar current 
ܮ௠,௠௔௜௡ ൌ ா್ೌೝௗூ್ೌೝ/ௗ௧       (5.1.24) 
While the main magnetizing cage inductance is  




௛మ௄಴,ೌೡ೐ೄ௄಴ೝ,೓൰௛    (5.1.25) 
Where h=k Nbars+Npole/2 
The fundamental magnetizing cage inductance is  
ܮ௠,௠௔௜௡ ൌ ߤ଴ ே್ೌೝೞଶగ
ோೌ೔ೝ೒ೌ೛௅ೞ೗೚೟
௄಴,ೌೡ೐௄಴ೝ,భ௛ೌ೔ೝ೒ೌ೛     (5.1.26) 
The rotor cage airgap leakage inductance can be evaluated by 
ܮ௟௘௔௞௔௚௘_௔௜௥௚௔௣ ൌ ܮ௠,௠௔௜௡ െ ܮ௠,௙௨௡ௗ     (5.1.27) 
Even in this case if the harmonic Carter coefficient is approximated through the 
average Carter coefficient ܭ௖௦,௛ܭ௖,௔௩௘ோ ൎ ܭ௖,௔௩௘ௌோ the equation results 
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  (5.1.28) 
5.1.3. Skin effect 
The current density in slot-bound conductors is not uniform in presence of ac 
supply. This effect depends on the actual frequency of rotor bar currents, and it 
leads to an increase of the equivalent bar resistance and a reduction of the 
equivalent leakage bar reactance. Typically, these effects are taken into account 
introducing the corrective coefficient to be applied at dc value of the resistance, 
KR, and inductance, KL. 
For the computation of the corrective coefficient it has been used the algorithm 
proposed in [56] however, a brief description of the method is reported in the 
following. 
The procedure is based on the following hypothesis: 
 Ideal iron (infinite permeability and no losses) 
 Field lines parallel in the slot 
 Slot subdivided into N thin layers 
When sinusoidal voltage is applied to the bar, it is equally distributed to all 
conductors. For a generic kth layer, the electromagnetic phasor equations are: 
തܸ ൌ ܴ௞Δܫ௞ഥ ൅ ݆߱௘Λ௞തതതത       (5.1.29) 
Λ௞തതതത ൌ ∑ ܯ௞௝Δܫఫഥே௝ୀଵ        (5.1.30) 
In order to compute the bar layer current Δܫ௞ഥ  it is necessary to determine a 
general formulation for the Mjk coefficient. The mutual inductance between kth 
and jth layer has the following peculiarities: 
 Mjk is eual to Mkj for the physics of the problem. 
 If j<k the jth-layer linked flux due to the kth-layer current is invariant with 
the position of the jth-layer. This means that Mjk=Mkk if j<k 
Consequently, is possible to find the following phasor relation: 
Δܫ௞ഥ ൌ ఠೖఠೖషభ 	Δܫ௞ିଵതതതതത ൅ ݆ߜ
∗ሺΔܫଵഥ ൅ Δܫଶഥ ൅ ⋯൅ Δܫ௞ିଵതതതതതሻ   (5.1.31) 
where 
ߜ∗ ൌ ߱௘ ቀఓబఘ ቁ ቀ
௛మ
ேమቁ       (5.1.32) 
while ߱௘ ൌ 2ߨ݂ is the electrical pulsation of the current and ρ is the conductor 
resistivity referred to the actual temperature. 
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From equation (5.1.31) is possible to note that the current in a layer depends on 
the total current under the layer itself. This means that, if the current in the first 
layer is known, as amplitude and phase, all the other layer currents can be 
calculated with a recursive procedure. As a consequence, with the aim to evaluate 
the current distribution in the bar, it is possible to consider an arbitrary current in 
the first layer (i.e. Δܫ ̅ ൌ 1 ൅ ݆0	ܣ). Once the layer currents are known, the 
correction coefficient KR an KL are evaluated by means: 
ܭோሺ݂ሻ ൌ ோೌ೎ሺ௙ሻோ೏೎         (5.1.33) 
 
ܭ௅ሺ݂ሻ ൌ ௅ೌ೎ሺ௙ሻ௅೏೎         (5.1.34) 
 






ூమ̅       (5.1.35) 
ܪഥ௞ ൌ ଵఠೖ ∑ Δܫ௡̅
௞௡ୀଵ   magnetic field in the kth layer 
 




ூమ̅      (5.1.36) 
 
5.1.4. Fundamental airgap flux density determination 
The determination of the fundamental airgap flux density as a function of the 
fundamental MMF taking into account the magnetic material non-linearity is 
presented in the follow. 
It can be highlighted that the fundamental airgap flux density in required in 
order to compute the rms winding-induced EMF.  
ܧ௥௠௦ ൌ ଶగ௙௄ೢ,భ௓೛೓ଶோೌ೔ೝ೒ೌ೛௅೎೚ೝ೐√ଶே೛೚೗೐ ܤ௠௔௫,௙௨௡ௗ   (5.1.37) 
Where Kw,1 is the fundamental stator winding coefficient, and Zph is the number 
of stator conductors in series per phase. 
In case of magnetic saturation, the airgap flux density waveform produced by 
the fundamental MMF is distorted. In this condition, the flux density peak value 
in the teeth and in the yokes does not depend on the amplitude of the fundamental 
airgap flux density, Bmax,fund, but it depends in the actual airgap flux density 
Bmax,airgap. 
Therefore, starting from the Bmax,airgap it is possible to correctly calculate the 




Once the Bmax,airgap versus the MMF drop characteristic is known, it is possible 
to determine the distorted airgap flux density waveform in the airgap using a 
procedure similar to the one used for the evaluation of the magnetizing current in 
a single–phase transformer. 
Finally the fundamental airgap flux density, Bmax,fund, can be easily computed 
by a Fourier analysis. The complete procedure is deeply presented in [56]. 
5.2. ac resistance factor 
To experimentally evaluate the ac resistance factor of the stator winding, the 
rotor has been removed to avoid the losses in the cage (the rotor absence has a 
minor impact on the stator winding losses). The test has been performed with 
sinusoidal current from 50 to 1400 Hz; to mitigate the temperature variation effect 
during the measurements, the current amplitude has been limited to 10 A. Since 
the rotor is taken out of the magnetic circuit and the supply voltages used for these 
tests are much lower than the rated voltages, it is assumed that the stator iron 
losses are negligible in the measurements. The electrical quantities of each phase, 
acquired by a high-precision power meter, have been used to compute the ac 
resistance factor using 
݇௥ ൌ ௉ೌ ೎ ூೌ ೎
మ⁄
௉೏೎ ூ೏೎మ⁄
        (5.2.1) 
 
 


















The predicted and measured ac resistance factors are reported in Fig. 5.2. It can 
be noticed that good accuracy is achieved for a supply frequency of up to 600 Hz; 
for higher frequencies, the analytical computation overestimates the phenomenon. 
This finding confirms what has been already presented in [57], where an 
improved analytical method for the estimation of kr in the case of high frequency 
is described. 
5.3. Prototype parameters 
The single-phase nonlinear equivalent circuit parameters have been initially 
computed starting from the geometrical and electrical data, following the 
methodologies described in the previous section for three-phase winding 
configuration. The nonlinear behavior of the magnetic material has been taken 
into account during the computation of the magnetizing reactance and the iron 
losses. As for the skin effect on the rotor parameters (rotor leakage inductance and 
rotor resistance), the recursive least squares algorithm presented in the previous 
section has been used. Subsequently, the computed three-phase parameters have 
been referred to a double-three-phase configuration by using the following 
relation: Rs-6ph = Rs-3ph/2, Rr-6ph = Rr-3ph/2, Rfe-6ph = Rfe-3ph/2, Lm-6ph = Lm-3ph/2, Ls-6ph 
= Ls-3ph/2, Lr-6ph = Lr-3ph/2. It is worth to note that also the power computation has 
to be scaled in order to take into account the contribution of six phases. 
In addition, for each three-phase set, the electrical parameters have been 
measured by the well-known no-load and locked-rotor tests according to the IEEE 
standard procedure [58]. These tests have been performed for several supply 
frequencies, starting from 50 Hz up to 300 Hz. From the no-load test, the iron 
losses are decoupled from friction and windage losses by means power 
measurements at different voltage levels. Contemporary, it was also evaluated the 
magnetizing inductance variation as a function of the phase current. 
The measured locked-rotor test resistances have been split in the stator and 
rotor contributions, assuming the measured stator ac resistance factor shown in 
Fig. 5.2. The computed dc stator resistance value has been corrected with the 
same measured ac resistance factor. 
The comparison between computed and measured equivalent circuit parameters 
referred to a single stator unit at the supply frequency of 200 Hz is reported in 
Table VI. Looking at this table, it is possible to observe the satisfactory 
agreements between the estimations and the measurements. In addition, from the 
table it is possible to notice that the value of the rotor reactance of the closed rotor 





SINGLE PHASE EQUIVALENT CIRCUIT PARAMETERS 
 OF THE DOUBLE THREE-PHASE PROTOTYPES @200HZ 
 unit 
Open slot Closed slot 
computed measured Computed Measured 
Stator resistance mΩ 6.5 6.5 6.5 6.2 
Rotor resistance mΩ 5.5 5.5 5.5 5.4 
Stator reactance mΩ 15.9 16.5 15.9 14.8 
Rotor reactance mΩ 12.4 16.5 28 23.6 
Magnetizing reactance mΩ 23 23.5 23 25.9 
Iron resistance Ω 11 13 11 16.4 
 
this leads to a lower pullout torque and lower flux weakening capability of the 
closed rotor slot prototype. 
Fig. 5.3.1 and Fig. 5.3.2 show the measured and computed no-load current 
versus supply voltage for closed rotor and opens rotor slot prototype, respectively; 
in these cases, the agreement is very good, leading to the conclusion that the 
saturation effects are accurately accounted for the design procedure. Still for the 
200 Hz frequency values, the computed and measured locked-rotor voltage versus 
the phase current trends are reported in Fig. 5.3.3.  To take into account the 
saturation phenomenon of the closing wedges of the rotor slots, the approach 
presented in [59] has been adopted. The saturation effect is significant in the 
voltage-versus-current graph of the locked-rotor test, reported in Fig. 5.3.3, where 
the interpolation line does not pass through the origin. Moreover, in this case, the 




Fig. 5.3.1 Predicted and measured no-load test for closed rotor slot geometry at 
200 Hz. 
 







































Fig. 5.3.3. Predicted and measured locked rotor test for the two prototypes at 
200 Hz. 
5.4. Steady-state motor prototype performance 
Using the single-phase nonlinear equivalent circuit opportunely scaled up for 
accounting the winding configuration, the predicted steady-state performance has 
been computed and experimentally validated. During the load tests, all performed 
with water-cooling, the thermal protection of the power source limited the phase 
current to about 200 A. In addition, considering the frequency limitation of the 
power supply, it was not possible to experimentally map all the required operation 
points shown in Fig. 3.2.2. For these reasons, the open-loop load tests were 
performed in the 50–300 Hz frequency range only, respecting the voltage-to 
frequency ratio. Fig. 5.4.1 and Fig. 5.4.2 show the steady-state performances of 
the closed slot prototype at 200 and 300 Hz, respectively; once again, a good 
agreement between predicted and measured performance can be observed. These 
steady-state thermal tests allowed for verifying the water-cooling capability also 
in continuous service. In fact, the thermal behavior of the machine was monitored 
through 20 thermocouples embedded in the magnetic circuit, end winding, 
housing, and water duct. Focusing the attention on the 200 Hz thermal test with a 
load torque equal to 21 Nm and 5 l/min of water volume flow, it was possible to 
obtain 5.8 kW of mechanical power and 1 kW of total losses. In this condition, the 
























Fig. 5.4.1. Predicted and measured performance: torque and current versus 
speed at 200 Hz, measured stator temperature 80 °C. 
 
Fig. 5.4.2. Predicted and measured performance: torque and current versus 

































































5.5. Overall performance prediction 
The overall performance predictions of the two prototypes have been finally 
computed through the single-phase equivalent circuit opportunely scaled up to 
account for the double three-phase winding configuration, both in motoring and 
generator modes. In particular, the measured parameters have been used for the 
prediction of the performance for frequency up to 300 Hz, whereas for higher 
frequency, the computed parameters have been adopted. It is important to remark 
that the parameters have been recomputed at the wanted frequency and winding 
temperature (for the stator resistance, the measured ac resistance factor has been 
still applied). This approach represents a fast solution to obtain accurate motor 
performance avoiding intensive FEM analysis. 
Fig. 5.5.1 and Fig. 5.5.2 report the simulated performances of the two 
prototypes in motor mode at 150 °C winding temperature (assumed as typical 
working temperature); it can be noticed that the requirements are fully satisfied in 
the overall operating speed range. As expected, the prototype with open rotor slots 
has higher pullout torque due to lower rotor leakage reactance. 
  
Fig. 5.5.1. Open slot prototype: predicted motor performance 





















Fig. 5.5.2. Closed slot prototype: predicted motor performance 
(stator temperature equal to 150 °C). 
 
 
Fig. 5.5.3. Open slot prototype: predicted generator performance 




































Fig. 5.5.4. Closed slot prototype: predicted generator performance 
(stator temperature equal to 150 °C).  
Fig. 5.5.3 and Fig. 5.5.4 show similar results in the generation mode up to 
9000 r/min; above this speed, due to the severe voltage limitation, a small 
discrepancy with respect to the expected performance has been observed for 
closed rotor prototype. However, considering the torque-versus-speed profile 
required during the urban driving cycle (see Fig. 3.3.2), these discrepancies can be 
acceptable in the real use of the vehicle 
5.6. Conclusion 
In this section, the design and testing of an electrical machine for mild-hybrid 
powertrain applications has been presented. Complete design aspects of a 
multiphase IM prototype respecting the system requirements have been presented 
and discussed. In particular, it was found that a multilayer bar conductor topology 
for the stator winding production is an interesting candidate for high-current and 
high frequency applications, even in the case of small-size machines. In addition, 
the open rotor slot configuration was proven to be the candidate for the fully 
achievement of the required performance in the whole speed range without 
compromising the mechanical robustness. Test results are presented, and it is 
shown a good agreement between predicted and measured data. The achievable 
performance, computed using the measured machine parameters, demonstrated 
















Closed slot - Simulation
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6. Thermal management 
6.1. Stator winding thermal models for short-time 
thermal transient 
The continuous request for more efficient and ever more compact electrical 
machines have lead towards the necessity to support electromagnetic designs with 
detailed thermal assessments. As well known, the performance of an electrical 
machine, both in steady state and in transient operations, are directly related to its 
thermal behavior and cooling capabilities. The thermal overload of the machine 
can cause severe damages to those components that are sensitive to the 
temperature, in particular the winding insulation system. Whenever the winding 
temperature exceeds the maximum values allowed by the insulation class, the 
insulation lifetime is heavily reduced by the thermal aging degradation effect. For 
this reason, the thermal analysis assumes an even more important role for those 
electrical machines that are used in applications with short-time load and overload 
operations, such as automotive and aerospace. 
To cope with the thermal analysis of electrical machines, in the last decade 
different methods and software have been proposed by the scientific community 
as well as by industry [60]-[63]. Looking through the technical literature, the 
methods to face up the electric motor thermal analysis can be divided in two main 
categories: numerical and analytical methods. 
The numerical methods, such as Finite Element Analysis (FEA) and 
Computational Fluid Dynamics (CFD), allow a detailed model of any device 
geometry and the prediction of thermal flow in complex regions [64]-[66]. 
However, both FEA and CFD simulation tools are very demanding in terms of 
model setup and computational time. For this reason, these tools can be 
considered a valuable support for offline computations only, typically during the 
machine design stage. To match a fast solution with results accuracy, analytical 
methods are mostly used [67]. These approaches are mainly based on lumped 
parameters thermal networks composed of thermal resistances, capacitances and 
heat sources representing the machine losses. 
Both the numerical methods and the analytical ones are based on many thermal 
and mechanical parameters, which depend on the manufacturing process and that 
are not analytically computable. As a consequence, using thermal models, several 
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issues arise into the designers’ mind. For a correct selection of these parameters, a 
valuable benefit may come from an empirical design experience on similar 
machines having a comparable manufacturing process. However, there are 
unquestionable difficulties for the users facing for the first time electrical machine 
thermal analysis. As a first attempt, in particular working on conventional 
industrial machines, it is possible to refer to the data reported in the technical 
literature, but in this case, particular attention has to be paid to focus on papers 
dealing with machines having similar features. In this perspective, in the last 
decade many efforts have been made by the researchers to find out the most 
critical thermal parameters. For instance, in [68] and in [69] some values for the 
thermal resistivity of the winding insulation, or the heat transfer coefficients for 
natural and forced convection of complex geometries (finned frames, end-caps air 
volume, etc.), have been discussed and reported. It is important to highlight that 
the aforementioned difficulties on the thermal parameters selection affect 
whatever thermal analysis approach. However, from the practical point of view, 
the main advantage of analytical methods relies on the reduced computational 
efforts necessary to predict the temperature in different machine parts.  
Electrical machine thermal analysis can be requested for defining its behavior 
both in steady state or transient conditions. Several thermal models able to predict 
the temperatures in presence of load variations have been proposed in the 
technical literature, as well as implemented in commercial software. The typical 
use of these models is the machine temperature prediction in applications where 
the load variations follow a defined duty cycle or the load is imposed by a specific 
Service Factor (SF) [63], [70]. During the electrical machine design stage, the 
implementation of analytical models into state-of-the-art simulation tools like 
Matlab® is straightforward and it is not expected to result in numerical or 
computational issues. Their simplicity can be beneficial for multi-physics 
analyses, for instance interfacing the analytical thermal model with more 
complicated systems like electromagnetic transient simulations. 
Another field where the transient thermal models find applications is the real 
time temperature prediction in machines used in variable speed drives. Depending 
on the thermal network complexity, analytical models can be used for the online 
and real time temperature evaluation in several parts of the machine during its 
working operations. This allows undertaking real-time actions on the control 
strategies to prevent the machine overheating [71], [72]. The online monitoring 
techniques present higher accuracy and reliability with respect to the temperature 
measurement through thermal sensors embedded in the machine. In fact, these 
latter are an additional cost and suffer of detachment risk during the machine 
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lifetime (uncertainties due to the contact resistance and on the exact sensor 
position) [73], [74]. 
Nevertheless, despite the reduced computational efforts requested by analytical 
models, complex thermal networks might not be suitable for online applications in 
a drive. In fact, high order models lead to a larger number of differential equations 
to be solved, thus requiring higher computational resources. In this perspective, 
previous research activities on comprehensive thermal model reduction can be 
found in literature [70], [73], [75]-[78]. 
In [79], an interesting analysis of the electrical machine thermal behavior in 
short-time transient is reported. In particular, the sub-transient, transition and 
transient thermal regimes (after which the machine is considered close to its 
thermal steady state conditions) are discussed separately to explain the involved 
physical phenomena in each of the three regimes. The comparison between 
predicted and experimental results confirms the validity of the proposed approach. 
As well known, and analytically discussed in [79], when an electrical machine 
operates in overload conditions, the fastest as well as the maximum temperature 
rise occurs in the stator windings. As a consequence, an accurate and reliable 
stator winding thermal model is mandatory when a real time prediction of the 
machine winding temperature is requested. 
In this section are proposed, analyzed and validated different stator winding 
thermal models for short-time thermal transients. The proposed thermal networks 
are based on a physical representation approach for all the thermal network 
components. In this way, the lumped parameters physical meaning can be 
matched with the geometrical dimensions and material characteristics of the stator 
winding and lamination. In particular, starting from a fourth order thermal system, 
composed of four RC cells in cascade, the model complexity has been 
progressively reduced down to a third, a second and then to a first order model. In 
particular, as demonstrated in the following, the proposed models are a reasonable 
compromise between network complexity and results accuracy. 
The stator winding short-time temperature evolutions predicted by the four 
proposed models are compared with the measured temperatures on an industrial 
Total Enclosed Fan Cooled (TEFC) induction motor. For this experimental 
activity the industrial machine has been used in the place of the designed BSG 
since the prototype was under construction. Once the thermal models have been 
evaluated on TEFC machines, the stator-winding region of the BSG prototype has 
been modeled according to the proposed first order thermal network. Then, it is 
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TABLE VII.  















0.0445 0.0045 0.0400 0.0031 0.0300 0.2000 -0.537 
TABLE VIII.  









1910 680 2194 5623 
The conduction thermal resistance of the frame is neglected because always 
lowers than Rint-gap [61]. Even the thermal resistance copper-iron, Rcu-ir, is obtained 
by tuning the model after the steady state test; from its value it is possible to get 
the two thermal resistances Rins1 and Rins2 according to (6.1.3) and (6.1.4). 
Rins1 ≈ 0.1 Rcu-ir    (6.1.3) 
Rins2 ≈ 0.9 Rcu-ir    (6.1.4) 
It is important to remark that equations (6.1.3) and (6.1.4) have been 
empirically determined through a test campaign conducted on several TEFC 
industrial induction machines of different manufacturers. Equations (6.1.3) and 
(6.1.4) reflect the physical reality of the winding system. In fact, Rins1 takes into 
account the wire insulation (enamel etc.), while Rins2 takes into account the slot 
insulations materials (slot liners, impregnation etc.). The thermal capacitances of 
the winding, including slot and end-winding (Cwind), the yoke (Cyoke) and the teeth 
(Cteeth) can be computed using (6.1.5), (6.1.6) and (6.1.7). 
    (6.1.5) 
    (6.1.6) 







Fig. 6.1.3: Comparison between predicted and measured over-temperatures for 
the fourth order thermal model. 
The thermal capacitance of the insulation material Cins can be evaluated by 
(6.1.8). 
   (6.1.8) 
The values of the thermal resistances and those of the thermal capacitances for 
the DUT are reported in Tables VII and VIII, respectively. The thermal network 
shown in Fig. 6.1.2 has been solved using the multi-domain solver of the multi-
physic software Portunus [84]. The comparison between predicted and measured 
over-temperatures is shown in Fig. 6.1.3.  Obviously, both the simulation and the 
measurement have been referred to the same ambient temperature T0, which is the 
initial temperature of the test. In Fig. 6.1.3 it is well evident the excellent 
agreement between the measured and the predicted winding over-temperatures. 
The maximum discrepancy on the over-temperatures after 60 s and 120 s are equal 
to -1.2% and -1.7 %, respectively. Looking at Fig. 6.1.3, the hypothesis of an 
isothermal frame can be considered valid up to 60 seconds; after that time, the 
frame temperature increases reaching, at the end of the test, an over-temperature 
of 1 °C with respect to the initial temperature. For the size of the DUT, 60 seconds 
can be considered a short-time thermal transient. Under this hypothesis, the stator 
winding temperature predicted by the thermal model follows very well the 
measured one. Nevertheless, neglecting the small increase of the frame 



















































































h a good a


































































 in the stat
ble VII, it 




























































































ect to the f
ying having
 s and 120
el has been




























 if the third
 one, the ac
 over-temp
ely. On th









































Due to this modification the thermal capacitances Cwind and Cins will result in 
parallel. The thermal network and the comparison between predicted and 
measured temperatures are shown in Fig. 6.1.6 and in Fig. 6.1.7, respectively. As 
can be seen, the second order model leads to a discrepancy increase between the 
predicted and the measured values, with a winding over-temperature error of -
9.3% and -8.7% after 60 s and 120 s respectively. Considering the evident 
simplification of the thermal network, the second order model still continues to 
represent the thermal phenomena and it could be acceptable in several 
applications. 
6.1.3. Thermal model analytical solution 
In addition to the thermal network solutions by Portunus, the three thermal 
models previously proposed have been solved using a fully analytical approach. 
As well know, the solution of the differential equations system representing the 
proposed thermal networks can be expressed as a sum of exponential terms as in 
6.1.9). 
     (6.1.9) 
where: 
n is the order of the differential equation system; A is the amplitude of the 
response k, τ is the time constant of the response k.  
The aim of the analytical solution is to investigate the time constant τk, and 
amplitudes Ak, of (11) for each of the proposed thermal models. Their values, 
obtained using Matlab®, are listed in Table IX and Table X, respectively.  
It is well evident that, in the fourth order model the first term has small 
amplitude A1 and it decays in the first 10 seconds of the transient. The second 
term has negligible amplitude A2. In the third order model, the second time 
constant τ2 is missing, while the third and the fourth time constants and 
amplitudes are comparable to those of the fourth order model. Since the amplitude 
A2 is negligible, the behavior of the two models is practically the same.  Although 
in the second order model the first two time constants are missing, the 
deterioration of the estimation is mainly due to the reduced amplitudes of A3 and 































Fourth order 2.09 4.68 73.5 315 
Third order 2.10 --- 71.8 310 
Second order --- --- 67.0 306 
TABLE X.  
AMPLITUDES 







Fourth order 0.116 0.005 8.86 22.0 
Third order 0.117 0 8.85 21.0 
Second order 0 0 7.94 19.4 
6.1.4. First order thermal model 
As discussed in the previous sections, in order to evaluate the short-term 
current overloads in an electrical machine, it is acceptable to make the assumption 
that the stator copper heats up in an adiabatic way. This means to neglect its head 
exchange with any other parts of the machine. In this contest, the stator winding 
thermal model can be simplified to a first order model as shown in Fig. 6.1.8, 
where only the winding equivalent thermal resistance and the winding equivalent 
thermal capacitance are involved. In the first order thermal model, only the 
winding parameter are taken into account, while all the other parts of the machine 
are neglected because they are considered isothermal during the short time 
thermal transient. 
The resulting first order thermal network is reported in Fig. 6.1.8. The winding 
equivalent thermal resistance Req is obtained by the addition of Rins1 and Rins2, 
while the winding equivalent thermal capacitance Ceq is obtained by the addition 
of Cwind and Cins as in (6.1.10) and in (6.1.11), respectively. 
    (6.1.10) 
    (6.1.11) 
In Fig. 6.1.9 is shown the comparison between the stator winding temperature 
predicted using the proposed first order thermal model and that measured on the 
DUT.  















































































































eq and Ceq 






































 MEASURED AND COMPUTED WINDING EQUIVALENT THERMAL PARAMETERS 
 Computed value 
Measured 
value 
Req (°C/W) 0.0445 0.040 
Ceq (J/°C) 2590 2366 
 
Fig. 6.1.10. Comparisons among the measured and the predicted over-
temperatures for the four thermal models (longer time thermal transient). 
In order to evaluate the behavior of the four models in longer thermal transient, 
a test with duration of 360 s has been performed. In Fig. 6.1.10, the comparisons 
among the measured and the predicted over-temperatures for the four thermal 
models are reported. It is well evident, as expected, that a reduction of the model 
order leads a reduction of the accuracy. However, it is important to highlight, that 
the first order thermal model, provides results comparable to higher order model 
in short time thermal transient (both for 60 s and 120 s). 
6.1.4.1. Thermal Parameters Determination of First-order Model 
In order to evaluate the thermal parameters of the stator windings, the 
experimental approach proposed in [XIX] has been adopted. The winding system 
is modeled as a first-order thermal network illustrated in Fig. 6.1.11, where Req 
and Ceq are the winding equivalent thermal resistance and the equivalent thermal 
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Since all the variables are known, the equivalent thermal resistance Req can be 
determined from the mathematical representation of the first-order thermal 
network (6.1.14). Where P is the power loss and the indices k and 0 refer to time 
instant and initial condition, respectively. The procedure for finding the optimal 
value of Req is based on minimizing the squared deviation between the measured 
temperature and the one obtained by means of the mathematical model (6.1.14). 
 ௞ܶ ൌ ௞ܶିଵ ൅ ൫ ଴ܶ ൅ ܴ௘௤ ௞ܲିଵ െ ௞ܶିଵ൯ ቆ1 െ ݁ି
೟ೖష೟ೖషభ
ೃ೐೜಴೐೜ ቇ (6.1.14) 
The procedure described above reports the general rules for the thermal 
parameters assessment; however, some practical remarks are necessary. The first 
point to be clarified concerns the connection of the stator phases during the dc 
test; if all the phase terminals are available, they can be connected in series or in 
parallel. Series connection is suggested because it guarantees the same current in 
each phase. In case of Y connection with inaccessible neutral point, the test can be 
performed supplying two phases. The obtained results have to be opportunely 
scaled, as only two phases are used. In particular, the thermal capacitance and 
thermal resistance must be multiplied by 3/2 and 2/3, respectively. The second 
point regards the duration of the test to ensure the isothermal condition of the back 
iron. As described above, this assumption is mandatory for modeling the windings 
system with a first-order thermal network, neglecting the other parts of the 
machine. The back iron can be considered isothermal if its temperature do not 
increase more than 1 °C in relation to the initial temperature. However, this value 
is not critical and it is conservative for a good parameters determination. In 
electrical machines where the back iron temperature cannot be measured, a long 
thermal transient test (range of minutes depending on the machine size) can be 
performed. Nevertheless, only the initial values are useful for the thermal 
parameters assessment. In particular, the very initial samples (where the energy vs 
temperature is a straight line) must be considered for the thermal capacitance 
evaluation. While the time range to be used for fitting the measured temperature is 
in the range of the winding thermal time constant. 
6.1.4.2. Validation in motor operative condition 
From an industrial application point of view, the main advantage of a first 
order thermal model relies on the very limited computational resources that are 
required to predict the stator winding temperature in case of short-time overload. 
Due to its simplicity, a first order thermal model can be easily inserted in the 
fastest motor control routine implemented in a Digital Signal Processor (DSP). 
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Therefore, the stator winding temperature can be obtained during short-time 
overload torque transients with the same dynamic of the current/torque control 
scheme. Consequently, the motor current will be limited in case of stator over-
temperature.  
More complex thermal models are usually included in control tasks that are 
executed with very slow sampling periods with respect to the fastest motor control 
routine. For this reason, while the more complex comprehensive thermal models 
can be used to evaluate temperatures in many parts of the machine in long time 
evolution, the first order thermal model can be used as a support to predict the 
stator winding temperature in case of severe short-time overloads. From the 
practical point of view, reduced models of the whole machine [75]-[78] can be 
used as monitoring of the winding temperature (Machine Thermal Image), while 
the proposed first order model can be used for the prediction of the short-time 
thermal transient during the overloading conditions. It has to be pointed out that, 
the proposed first order thermal model allows the prediction of an average 
temperature of the stator winding, neglecting the presence of hot spots. However, 
as reported in [78], it is widely accepted that the hot spot temperature can be 
assumed 10 °C higher than the average temperature of the winding. Therefore, in 
a perspective of winding insulation protection, this margin can be a reasonable 
thermal overload protection for the motor overheating [78]. 
In this section, the proposed first order thermal model for short-time thermal 
transient is used to predict the stator winding temperature during short time 
transient of the prototype properly designed for severe overload operations. The 
implementation of the thermal model inside a drive is not the scope of this 
research activity. Thus, the model validation is performed offline and the 
predicted temperatures are compared with those measured on the prototype. 
For monitoring purpose, several thermal sensors have been positioned in 
different parts of the machine, such as in the magnetic circuit, end-windings, 
stator housing and water jacket cooling channels. For the thermal assessments 
reported in this section, only the thermal sensors embedded in the stator end-
windings have been used. Fig. 6.1.12 shows a sketch of the sensor positions on the 
end-windings. The colors code (blue, red, grey and green) used in Fig. 6.1.12 for 
the circles that represent the sensor positions has been adopted in the graphs 
throughout the section to identify the respective measured temperatures. 
Fig. 6.1.13 shows a detailed view of the prototype end-winding; the 





During the dc test, together with voltage and current, also the temperatures 
measured by the four thermal sensors placed in the end-winding (see Fig. 6.1.12) 
have been acquired. In Fig. 6.1.14 the temperature evolution during the performed 
dc test is shown. As can be seen, the temperature evaluated with the resistance 
variation method (hereafter identified as V-I method), is lower with respect to the 
winding temperatures measured by the thermal sensors. This result is reasonable 
because the resistance variation method considers the average temperature of the 
winding, while the sensors measure the end-winding temperature that usually is 
one of the hottest parts of the machine [79]. Among the four available sensors, 
since sensor 4 is the one that better fit the average winding temperature, it has 
been selected as the reference sensor for the comparison with the predicted 
temperatures. Fig. 6.1.15 compares the temperature measured by the sensor, the 
temperature evaluated with the V-I method, and the temperature predicted by the 
first order thermal model. With the aim to match the sensor measure with the 
average winding temperature resulting by V-I method, a constant correction factor 
is applied to the sensor 4. This correction factor is equal to the previously 
mentioned standard deviation. Fig. 6.1.16 shows the calibration of the sensor with 
respect to the average winding temperature resulting from the V-I method. It is 
evident that with the use of the correction factor, the temperature measured by 
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Fig. 6.1.14. Winding temperature variation during dc test. 
 
Fig. 6.1.15. Measured and estimated temperature during dc test. 
Experimental measurement and model validation 
As previously discussed, the method for evaluating the parameters of the first-
order thermal network consists on supplying the stator winding of the investigated 
machines with a dc current. In this supply condition, only the stator Joule losses 





















































all the losses are active in the machine. Thus, the proposed first-order thermal 
model has to be validated in load conditions to understand the limit of its use. For 
this reason, the prototype has been tested at different torque and speed, where all 
the loss sources are active as well as the windage effect of the rotor. With 
reference to the double cooling system (forced air and water cooling) that equips 
the machine under test, it has to be pointed out that all the tests hereafter reported 
have been conducted using only the forced air cooling system. 
The test campaign for a fully evaluation of the model performance has been 
done applying torque step variations at different rotational speeds. The machine 
under test has been supplied using a 40 kVA, three-phase sinusoidal static power 
source having a voltage range of 0 to 450 V with total harmonic voltage distortion 
lower than 0.1 % and a frequency range of 20 to 300 Hz.  
The motor has been mechanically loaded using a high dynamic synchronous 
variable speed drive properly controlled to impose the required torque values. The 
electrical and thermal measurements have been done using a high precision power 
meter and a data-logger, respectively. As previously mentioned, the measured and 
predicted temperatures have been compared offline with a post processing 
analysis. 
For the thermal model validation presented hereafter, the initial temperature 
has been considered equal to that measured at beginning of the test by the 
reference thermal sensor positioned in the end-winding connections; then, the 
winding temperature evolution has been predicted using (6.1.14). For each 
computational step (k), the Joule losses used as heat source in the thermal model 
have been computed considering the measured phase current and the phase 
resistance evaluated at the previous step (k-1).  
In addition, since the prototype is affected by additional winding losses due to 
skin and proximity effects, a correction factor has also been applied to the phase 
resistance. The winding can be considered at steady-state in a time range equal to 
five times the thermal time constant of the winding.  
The performed tests consist in loading the machine with a constant torque until 
the winding thermal steady-state condition is established, and then the motor is 
overloaded with a torque step. It is worth to note that, once the winding thermal 
steady-state condition has been reached, the Joule losses to consider as input for 
the thermal model in overload transient operation are those related to the 
additional step current. In other words, during overload operations, the Joule 
losses to consider are the difference between the winding Joule losses during the 





In order to investigate the behavior of the first-order thermal model with 
different losses distribution inside the machine, the prototype has been tested at 
750 rpm, 1500 rpm and 3000 rpm with different load torque levels. In particular, 
starting from the no-load condition, at 750 rpm the machine has been loaded at 
12 Nm, while at 1500 rpm and 3000 rpm it has been loaded at 18 Nm. The 
comparison between the model response and the measured winding temperature 
during the tests are shown in Figs. 6.1.16 –Fig. 6.1.18. In all the conducted torque 
transient tests, the results show a good agreement between predicted and 
measured winding temperatures, with a maximum percentage error of 2%. It is 
important to remark that the accuracy of the proposed thermal model is valid for 
short-time thermal transient only, which for the machine under test is about 
2 minutes long. Obviously, motors with different size will have different winding 
thermal time constant.  
An important outcome of these tests is that the first-order thermal model has a 
complete validity in all the load conditions despite the model parameters are 
computed using a dc supply test. This means that other machine losses, such as 
iron and rotor Joule losses, as well as airgap and end-winding cooling effects due 
to the fan mounted in the rotor, do not influence the model response. 
As the service factor of the starter-generator is known, a duty cycle test has 
also been performed in order to validate the model during intermittent load 
conditions. In this specific case study, starting from a no-load condition and a 
rotational speed of 1500 rpm, a load torque step equal to 18 Nm has been imposed 
with a 5s ON - 30s OFF duty cycle operation. The comparison between predicted 
and measured temperature is shown in Fig. 6.1.19. Also in this case, although the 
over-temperature and the time duration are small, a good match has been obtained 
between predicted and measured temperature with a percentage error lower than 




Fig. 6.1.16. Load torque step test at 750 rpm from 0 to 12 Nm, I=130 A, 
Pjstator=720 W. 
 


















































Fig. 6.1.18. Load torque step test at 3000 rpm from 0 to 18 Nm, I=150 A, 
Pjstator=840 W. 
 
Fig. 6.1.19 Load torque test at 1500 rpm with 5s ON - 30s OFF duty cycle with 


































































On the base of the discussions and the experimental validations previously 
reported, it is reasonable to consider all the four proposed thermal models suitable 
for the short-time thermal prediction of the stator winding temperature. The 
choice of the most suitable one is delegated to the final user in function of the 
specific application as well as of the goal for which the model is implemented. As 
a general remark, due to their higher complexity, it is possible to consider the 
fourth and the third order thermal networks more suitable for theoretical analyses 
and thermal simulations during the motor design stage. 
On the other hand, for their simplicity the second order and first order thermal 
models are particularly suitable for the implementation in electrical drives for the 
on-line and real time prediction of the ratio over-current/time duration. In 
particular, the first order model seems to be the best solution for its simple digital 
implementation in a control drive and the easiness in the thermal parameter 
determination using a dc voltage supply test. 
As well known, to predict the actual temperature of the motor, many modern 
electrical drives already include a thermal model for long-time transient (also 
known as ‘thermal image’ of the machine). In this case, starting from the actual 
temperature evaluated through the long-time transient thermal model, the short-
time transient thermal model allows determining the maximum over-current value 
when the transient duration is known or imposed, or vice versa. It is important to 
keep in mind that the proposed thermal models allow predicting an average 
temperature of the stator winding, neglecting the presence of hot spot.  
The proposed first order model has been experimentally validated in operative 
conditions. The results confirm the validity of the simplified thermal model for 
the prediction of the winding temperature in short-time thermal transient, both for 
torque step response and intermittent services. The model accuracy, 
experimentally evaluated through the tests presented in the chapter, confirms the 
suitability of the proposed model for its implementation in a drive system for real-




6.2. Analysis of different forced convection cooling system 
The design of the BSG can be considered as a challenging task due to the 
severe constraints imposed by the automotive applications. These requirements, 
combined with the harsh environment of the engine compartment, inevitably lead 
to high temperatures of the electric machine, and an effective cooling system must 
be mandatorily adopted together with high temperature class insulation material. 
In addition, the BSG cooling system selection must account for the driving cycle 
that is characterized by very time-variable loss distributions. 
Even if some non-conventional cooling systems have been recently presented 
(e.g. the oil-spray cooling solution [80], or the cooled rotor shaft reported in [81]), 
in automotive applications the typical cooling methods are based on air or liquid 
[12], [17]. 
In this section, the potentialities of heat extraction through forced convection 
are experimentally investigated on the BSG prototype. The prototype is equipped 
both with two centrifugal fans fixed on the rotor sides and a water jacket inside 
the external frame. In this way, it is possible to evaluate the air-based cooling 
without providing the liquid flow in the jacket, and the liquid-based cooling can 
be tested removing the fans from the rotor. 
The design of cooling system of electrical machines operating with duty cycle 
is a critical issue because of variable torque and speed that means variable losses 
distribution with respect to the speed and time. 
As reported in the previous section, the equivalent circuit parameters of the 
BSG prototype have been computed for several supply frequencies. These 
parameters have been used to estimate the total losses in the whole speed range. 
With respect to motoring operations, the total losses in continuative service for a 
temperature of 200 °C are shown in Fig. 6.2.1.  
It can be see that the maximum total losses on the machine are about 6000 W at 
2000 rpm. In this condition the copper losses are the predominant components: 
around 4500 W in the stator winding and 1400 W in the rotor cage, while the iron 
losses are around 85 W. At high speed, the flux weakening is used to regulate the 
machine in the constant power speed range and the total losses decrease in all 
their components. For example, at 9000 rpm the total losses are 1300 W, the stator 
Joule losses are 900 W, the rotor Joule losses are 200 W, and the iron losses are 
around 50 W. Considering the maximum performance and the aforementioned 
loss distributions, the most critical working point for the heat extraction is in the 





Fig. 6.2.1. Estimated electromagnetic losses for the motoring maximum torque-
speed performance (shown in Fig. 1), continuative service at 200 °C. 
For this reason, the maximum continuative dissipation at 2000 rpm is assumed 
as the reference for the cooling system definition together the specified duty cycle. 
Based on these considerations, the BSG thermal behavior depends both on its 
equivalent thermal capacity to cope with transient conditions (instantaneous 
dissipation during the duty cycle on time interval or during the driving cycle) and 
on its equivalent thermal resistance for the heat extraction in steady state 
conditions (average dissipation during the duty cycle period). The former could be 
analyzed through more or less sophisticated transient thermal model [79]-[78]). 
The cooling system for the steady state heat extraction has to be designed 
according to the average dissipated power over the duty cycle. In the specific case 
study, the reference duty cycle is 14% and the maximum losses are 6000 W, 
resulting in 850 W of equivalent continuative losses. In order to experimentally 
investigate the possibility to extract through air or liquid this amount of average 
heat flux, respecting the insulation class of the machine, a special prototype 
equipped with both the two cooling systems has been built. Hereafter, the 
implemented cooling systems are briefly described. 
 
6.2.1. Air cooling system 
As for the conventional car alternators, two normal production centrifugal fans 
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6.2.3. Experimental results 
In order to validate the thermal performance of the two cooling system, the 
prototype has been tested in steady-state thermal conditions; a view of the 
prototype mounted on the test bench is reported in Fig. 6.2.5. In order to provide 
the low-voltage high-current supply, a transformer has been interposed between 
the power source and the BSG. The used supply is a programmable sinusoidal 
power source rated power 40 kVA, with a total harmonic voltage distortion lower 
than 0.1%, and frequency range equal to 20-300 Hz. The thermal behavior of the 
machine was monitored through 20 thermocouples embedded in the magnetic 
circuit, end-winding, housing and water duct. 
During the test, the prototype is mechanically loaded by means of the brake 
that imposes the speed of the system according to the desired total losses. The 
total losses dissipated inside the prototype have been measured as the difference 
of the input electrical power (measured with a high precision power-meter) and 
the shaft power (computed by the measured torque and speed). 
The tests have been conducted for two constant values of dissipated losses, 
500 W and 700 W, in the speed range of 750-4500 rpm. It is important to remark 
that due to current limitation of the used power supply, it was not possible to 
perform the thermal test with continuative losses of 850 W in the whole speed 
range. 
Air cooling characterization 
The measured stator winding-to-ambient over-temperatures versus the 
rotational speed are reported in Fig. 6.2.6, for the two considered loss values. As 
expected, the cooling capability improves with the speed, due to the increase of 
the airflow provided by the fans. 
Looking at Fig. 6.2.6, it is possible to observe that in the speed range 2000-
4500 rpm the point-to-point ratio between the two measured over-temperatures 
trends are practically equal to the ratio between the two considered total losses 
(700 W/500 W = 1.4) values. This means that, for a fixed rotational speed, the 
‘equivalent’ thermal resistance between the stator winding and the ambient can be 
considered constant. 
On the basis of this consideration, it is possible to estimate the over-








































































Fig. 6.2.7. Liquid cooling performance: stator winding overt-temperature. 
Still considering Fig. 6.2.6, the results show that the air cooling system is not 
able to remove the dissipated losses in the worst case presented in Fig. 6.2.1 
(6 kW at 2000 rpm, with the specified duty cycle) respecting the insulation class 
limit. Considering the very high temperature observed in the range 1000-
2000 rpm, it is an author’s opinion that an optimization of the fans and the air 
flow path is not enough to retrieve safe thermal operations. 
Liquid cooling characterization 
The water-cooling capability in continuative service is evaluated with the same 
procedure adopted for the air-cooling. 
The tests have been conducted with the nominal flow rate equal to 5 l/min. 
During the tests the fans were removed from the rotor and all the holes in the 
external frames were closed with a plastic tape. Unfortunately, the fan removal 
leads to vibrations at high speed because the manufacturer executed the rotor 
balancing in presence of the two fans. For this reason, during these tests the 
maximum speed has been limited to 3000 rpm. 
In this case, the point-to-point ratio of the measured temperature trends is still 
very close to the ratio of the two injected losses, and, as expected, is substantially 
constant in the whole explored speed range, as shown in Fig. 6.2.7. In other 
words, the windage effect of rotor speed without fans is negligible, and the 
‘equivalent’ thermal resistance between the stator winding and the average 
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Fig. 6.2.8. Liquid cooling system performance with fans mounted on the rotor: 
stator winding over-temperature. 
On the basis of this equivalent thermal resistance, an over temperature close to 
100 °C has been computed for a constant dissipation of 850 W. As a consequence, 
the designed liquid cooling system is able to withstand with the aforementioned 
worst case. 
In fact, assuming a temperature of the engine coolant temperature of 100 °C, a 
maximum average temperature of 200 °C of the stator winding can be predicted, 
leading to a margin of 20 °C with respect to the insulation class limit. 
This temperature margin is very important to withstand to the temperature 
ripple due to intermittent operations. 
However, the results shown that in the considered worst case the peak-to-peak 
value of the temperature ripple is in around 15-20 °C, leading to a safety margin 
for the winding insulation of around 10 °C [XV]. 
Liquid cooling characterization with fans 
For the sake of completeness, the steady-state thermal tests of the liquid 
cooling system have been repeated with the two fans mounted on the rotor sides. 
During these tests, the holes in the external frame where still closed with the 
plastic tape and, thanks to the rotor balancing, the maximum speed was 4500 rpm. 
The obtained trends for the stator winding over-temperatures versus the rotor 
speed are reported in Fig. 6.2.8. Even if the frame holes are closed, it is possible to 
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temperature when the speed increases. This is due to a better forced convection 
heat exchange in the end winding region due to the movement of the internal air 
produced by the fans, confirming the findings already articulated by the authors in 
[69] for industrial induction motors. 
The windage losses due to the fans shown in Fig. 6.2.1 will obviously impact 
on the efficiency of the BSG. So, if the target is to keep the internal air motion, 
the adoption of smaller fins on the end rings surface is suggested. 
6.2.4. Conclusion 
The challenging requirements for belt-driven starter-generator, both in terms of 
specific electromagnetic performance and the critical positioning of the electrical 
machine inside the engine compartment, mandatory need a careful analysis of the 
adopted cooling system. The problem has been approached with a full 
experimental methodology using a special BSG prototype equipped with both 
force air and liquid cooling systems. 
Contrary to the conventional belt-driven alternators, the experimental findings 
prove that the forced air cooling system is not suitable for the application, and that 
the adoption of the more complicated liquid cooling system cannot be avoided for 
the designed BSG induction machine. Anyway, a dedicated liquid cooling circuit 






This manuscript presents the design and testing of an electrical machine for 
mild-hybrid powertrain applications; complete design aspects of a multiphase IM 
prototype respecting the system requirements has been presented and discussed. 
Among the electrical machine topologies, IM is considered the best candidate 
for the application under consideration for its low cost, high overload capabilities, 
good flux-weakening characteristics and robust mechanical design.  
For what it concerns the winding topology, the multi three-phase configuration 
with two independent three-phase sets represents a good solution in terms of 
current splitting and system complexity. 
The details of the machine are presented with the focus on multilayer bar stator 
winding, pole count and on rotor slot design. In particular, it was found that 
multilayer bar conductor topology for the stator winding production is an 
interesting candidate for high-current and high-frequency applications, even in the 
case of small size machines. In addition, it was proved that the open rotor slot 
configuration is the viable solution for the fully achievement of the required 
performance in the whole speed range without compromising the mechanical 
robustness. Test results are presented, and it is shown a good agreement between 
predicted and measured data. The achievable performance, computed using the 
measured machine parameters, demonstrated the feasibility of the proposed design 
solution. 
The thermal management of electrical machines operating with duty cycle is a 
critical issue because of variable torque and speed that means variable losses 
distribution with respect to speed and time. Based on these considerations, a 
simplified winding thermal model was presented. Furthermore, experimental 
investigation of cooling systems has been carried out in this thesis. 
A first-order stator winding thermal model was developed for the temperature 
prediction during transient overload condition. The simplified thermal network is 
particularly suitable for the implementation in electrical drives for the on-line and 
real time prediction of the maximum over-current value when the transient 
duration is known, or vice versa. It is noteworthy to keep in mind that the 
proposed thermal model allows predicting an average temperature of the stator 
winding, neglecting the presence of hot spot.  
The proposed first order model was experimentally validated in operative 
conditions and the results confirm the validity of the simplified thermal model for 
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the prediction of the winding temperature in short-time thermal transient, both for 
torque step response and intermittent services.  
As it concerns the steady state heat extraction, the forced convection cooling 
systems were investigated by means of a fully experimental methodology using a 
special prototype equipped with both force air and liquid cooling systems. 
Contrary to the conventional belt-driven alternators, the experimental findings 
proved that the forced air cooling system is not suitable for the application, and 
that the adoption of the more complicated liquid cooling system cannot be 
avoided for the designed BSG induction machine. Anyway, a dedicated liquid 
cooling circuit seems not to be necessary, and the engine coolant can directly cool 
the BSG prototype. 
On the bases of this research experience it is possible to outline the future 
prospects: 
 Extended test campaign of the prototypes fed by inverter and 
development of control strategies 
 Performance and thermal assessment under fault operations of 
multiphase machines 
 Efficiency mapping during driving cycles 
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